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Analysis and Design of Parallel
Mechanisms With Flexure Joints

Byoung Hun Kang, John Ting-Yung Wen, Nicholas G. Dagalakis,
and Jason J. Gorman

Abstract—Flexure joints are frequently used in precision-motion stages
and microrobotic mechanisms due to their monolithic construction. The
joint compliance, however, can affect the static and dynamic performance
of the overall mechanism. In this paper, we consider the analysis and
design of general platform-type parallel mechanisms containing flexure
joints. Based on static performance measures such as task-space stiffness
and manipulability, and constraints such as joint stress, mechanism size,
and workspace volume, we pose the design problem as a multiobjective
optimization. We first calculate the Pareto frontier, which can then be
used to select the desired design parameters based on secondary criteria,
such as performance sensitivity and dynamic characteristics. To facilitate
design iteration, we apply the pseudo rigid-body approach with a lumped
approximation of the flexure joints. A planar mechanism is used to
illustrate the analysis and design techniques.

Index Terms—Design optimization, flexure joint, manipulability and
stiffness mapping, parallel mechanism, precision stage.

I. INTRODUCTION

Flexure joints offer significant advantages over conventional joints
[1], [2] in terms of both ease of manufacturing and operational charac-
teristics.Mechanically assembled joints inevitably reduce accuracy due
to manufacturing tolerances. Flexure joints are typically manufactured
monolithically, and therefore, avoid assembly errors. The monolithic
construction also implies a relatively easy manufacturing process and
potentially very compact design. In terms of operation, flexure joints
have little friction loss and do not require lubrication. They generate
smooth and continuous displacement without backlash. With the suit-
able choice of material, flexure joints can exhibit a predictable and re-
peatable relationship between force and displacement. These attributes
have endeared flexure mechanisms to meso- and micro-scale precision
motion applications, from optical stages to micro-electro-mechanical
systems (MEMS). Flexure joints also pose design challenges, however.
The behavior of a flexure joint is sensitive to its geometry, therefore,
high dimensional accuracy during fabrication is essential and postfab-
rication calibration is also required. Flexure joints are also susceptible
to breakage and fatigue, so they need to be designed to withstand the
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expected force and displacement in a given application. Flexure joints
may also be sensitive to temperature variation as a result of thermal
expansion and contraction. This is especially important if thermal ac-
tuation is used (e.g., in thermal bimorph). Motion of flexure joints can
also be quite complex. For example, a common type of flexure joint,
the circular notch hinge, is frequently approximated by a pure rotational
joint, but the actual deformation also involves translation.

Thorough treatments of the characterization and design of flexure
joints andmechanismsmay be found in [1] and [3]. Flexuremechanism
design is usually addressed either from a kinematic synthesis point of
view with the overall mechanism compliance as a secondary criterion,
or from the compliance point of view [1] with the emphasis on synthe-
sizing desired compliance characteristics using, for example, topolog-
ical optimization [4], [5] or finite-element analysis (FEA) [6], [7].

The goal of this paper is to present new analysis and design tools for
parallel mechanisms containing flexure joints. Our approach is to bal-
ance themotion and compliance consideration through amultiobjective
optimization. To reduce the computation load in the design optimiza-
tion, we combine the lumped parameter Paros–Weisbord model [8] for
the flexure joints and the pseudo rigid-body model for the mechanism.
Simulation based on FEA is performed to ensure the validity of this
approximation.

In terms of performance, a well-established criterion for serial or
parallel mechanisms is the manipulability ellipsoid, which character-
izes the task-space motion under normalized active joint motion. This
concept was first proposed for serial manipulators [9] and later ex-
tended to parallel robots [10], [11]. For general parallel mechanisms,
kinematic stability [10], [12] is also important. A mechanism is kine-
matically stable if it is fully constrained when all the active joints are
locked, i.e., there is no uncontrolled motion under external load. For
flexure-based parallel mechanisms, the concept of manipulability re-
mains important. However, kinematic stability should be replaced by a
stiffness criterion, since the joint stiffnessmay be used to prevent exces-
sive undesired motion. We therefore pose the design problem as a mul-
tiobjective optimization problem, with the performance metrics based
on manipulability and stiffness matrices subject to constraints such as
the maximum joint stress, workspace, mechanism size, and bounds on
the design parameters. The Pareto frontier [13] is then calculated and
the final design determined, based on secondary considerations such as
dynamic characteristics and performance sensitivity. A 1-D stage de-
signed by the National Institute of Standards and Technology (NIST)
is used to illustrate our modeling and design approach.

This paper is organized as follows. The kinematic description of a
parallel flexure mechanism is given in Section II. Lumped flexure joint
models and their comparison with the FEA results are shown in Sec-
tion III. The design-optimization approach is presented in Section IV.
Application to the NIST stage is shown in Section V.

II. DIFFERENTIAL KINEMATICS

Consider a parallel mechanism with active joints denoted by qa and
passive joints denoted by qp. The differential kinematics may be de-
scribed as

�xT

0
=

JT JT

JC JC

J:=
JT

JC

�qa

�qp

�q

(1)
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where �xT is the incremental task-frame displacement. For parallel
mechanisms with conventional passive joints, JC is typically square
(same number of passive joints as constraints), so that there are no un-
desirable internal constraint forces. It is also essential to ensure that
JC is invertible, so that there would not be undesired motion (this is
the kinematic stability condition). If JC is a tall matrix, the mecha-
nism is overconstrained, and it cannot move unless some of the con-
straints are redundant. If this is the case for a working mechanism,
the rigid-body kinematic description is not adequate, and either more
lumped joints need to be added or a distributed description should
be used. If JC is a fat matrix, the mechanism is underconstrained.
For conventional parallel mechanisms, this is not desirable, since there
could be uncontrolled motion resulting from external loads. However,
we shall see that for flexure mechanisms, this may be acceptable (and,
indeed, is usually the case), provided that the stiffness in the direction
of unwanted motion is sufficiently large.

We now consider a fully constrained mechanism (when active joints
are locked) or underconstrained mechanism, i.e., JC is square or fat,
and full rank. If JC is fat, �qp cannot be uniquely solved, since any
vector in the null space of JC may be added to the solution. In this
case, we assume that the solution �qp minimizes the strain energy in
the passive joints, i.e., �qp is found from

min
�q

1

2
�qTpKq �qp; subject to 0 = JC �qa + JC �qp (2)

where we have assumed linear spring characteristics with spring con-
stant Kq . We treat �qp as the actual joint displacement, since we as-
sume that the joint displacement from the equilibrium is small. The
solution of (2) may be readily found

�qp = �J
z

C JC �qa (3)

where JzC is the weighted pseudoinverse of JC

JzC := K�1=2
q (JC K�1=2

q )y (4)

and y denotes the Moore–Penrose pseudoinverse. If JC is square in-
vertible, then JzC = J�1C .

The relationship between active joint displacement and task dis-
placement is then

�xT = (JT � JT JzC JC )

:=J

�qa: (5)

By applying the principle of virtual work, we obtain the dual
relationship

�a
�p

�

=

JTT JTC

JTT JTC

fT
fC

(6)

where fT is the externally applied spatial force, fC is the constraint
spatial force [to enforce the kinematic constraint, the bottom portion
of (1)], and �a and �p are the torque vectors applied at the active and
passive joints, respectively. When the passive joints are free (e.g., pin,
spherical, etc.), �p = 0. For flexure joints, we assume that �p is related
to �qp through a linear stiffness (see Section III-A) �p = Kp�qp.

By far the most common configuration of parallel mechanism is a
platform supported by multiple legs. For an M -leg platform mecha-
nism, the differential kinematics may be written as

�xT =JT 1�qa1+JC1�qp1=. . .=JTM�qaM+JCM�qpM : (7)

Fig. 1. Flexure joint modeling. (a) Circular notch hinge joint. (b) Cantilevered
joint.

We can rewrite this relation as

Ja1
. . . 0

JaM
Jp1

0
. . .

JpM

J

�qa1
...

�qaM
�qp1

...
�qpM

=

�x1
...

�xM

=

I
...
I

A

�xT :

(8)

Since A is of full column rank, we can immediately transform this to
the form (1)

�xT =AyJ�q (9)

0 =AJ�q (10)

where Ay is the pseudoinverse of A, and A is a full row rank matrix
whose null space coincides with the column space of A.

III. FLEXURE JOINT MODEL

A. Joint Stiffness

We assume a linear spring joint model, i.e., for the ith joint

�i = Kp �qi: (11)

A common type of flexure joint is a circular notch hinge, as shown
in Fig. 1(a). Such a joint could have a full 3-D joint stiffness coupling
force/torque to translation/rotation [3], [8]. Other similar types of hinge
joints with parabolic or hyperbolic shapes may also be considered [14].
Due to the geometry, the inplane rotational and shear stiffness compo-
nents are dominant. We therefore model it either as a rotational joint [1
degree of freedom (DOF)] or a rotational and shear joint (2 DOF). The
stiffness of a pure rotational joint is given by [8]

Kr �
2Ep

9�

t5

R
(12)

where E is the Young’s Modulus of the hinge material, p and t are
the thickness and width of the joint, and R is the radius of the circular
notch. If the shear translation is also considered, the stiffness is given
by [8]

Ks �
2Ep(2�)5=2

9�(1� �2)
(13)

where � = t=2R. The joint location of rotation and shear is assumed
to be the same as shown in Fig. 1(a).
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A cantilevered flexure may be approximated by two rotational joints,
as shown in Fig. 1(b). The joint stiffness for each rotational joint may
be approximately modeled as [8]

Kc � 2
K�

EI

L
(14)

whereE is the Young’s Modulus, I = pt3=12 is the moment of inertia
about the vertical axis, L is the length of the joint, and 
 and K� are
experimentally determined constants


 = 0:8517; K� = 2:6762:

B. Joint Stress

The stress in a flexure joint is roughly proportional to the deflection
of the joint, provided that the deflection is small. For a circular notch
joint, it has been shown that the stress � is related to the angular de-
flection � [3]

� =
3�

4E

R

t
�: (15)

For a cantilevered joint, the relationship is approximately

� =
0:148

E

L

t
�: (16)

If the maximum joint stress is given (e.g., from the yield stress of the
material), it can be converted to an equivalent maximum joint displace-
ment by using the above formulas.

C. Comparison Between Lumped and FEA Models

The lumped stiffness expression for the flexure joint is only an ap-
proximation. To evaluate the quality of this approximation, we compare
the stiffness prediction with the FEA result for the following dimension
(based on the NIST stage in Section V):

t = 0:1 mm; R = 0:21 mm; p = 6:35 mm:

The FEA package Ansys 7.0 is used, with 49 000 mesh elements. We
assume the flexure ismade from 6061-T6 aluminum alloywithYoung’s
Modulus of E = 70 GPa.

Using the lumpedmodels (12) and (13), the rotational and shear stiff-
ness coefficients are calculated to be

Kr = 0:216
N-m

rad
; Ks = 5:057� 106

N

m
: (17)

Either area or line force models may be used in FEA; an area force
is exerted on all nodes that are located in a specified area, while a line
force is only exerted on the nodes located in a specified direction. With
the line force, the stiffness coefficients are

Kr = 0:268
N-m

rad
; Ks = 4:869� 106

N

m
: (18)

With the area force, the stiffness coefficients are

Kr = 0:376
N-m

rad
; Ks = 4:185� 106

N

m
: (19)

Comparing these values with the lumped model prediction (17) shows
that the line force model gives a better match with the lumped param-
eter model. This is not too surprising, since the lumpedmodel is derived
under the assumption of pure moment and force along the coordinate
axes, which is closer to the line force loading condition.

For a circular notch joint, the accuracy of approximation depends
on the ratio between the notch radius and joint width, � = R=t. It

Fig. 2. Rotational stiffness with respect to �.

Fig. 3. Shear stiffness with respect to �.

has been shown that the quality of the lumped model approximation
improves with increasing � [3]. We validated this observation in FEA
by comparing the rotational and shear stiffness coefficients for � =
1; 2; . . . ; 10 (withR fixed at 212:5�m). The results are shown in Figs. 2
and 3 for rotational and shear stiffness, respectively. In both cases, stiff-
ness values from the lumped model and FEA become close for � � 2.
As before, the line force model also shows better prediction than the
area force model.

IV. DESIGN OPTIMIZATION

Design optimization involves selecting a set of design variables w
to optimize one or more performance objectives, subject to a set of
constraints

min
w

f�1; �2; . . .g subject to 
i(w) � �i: (20)

A common approach to this multiobjective optimization problem is to
first find the Pareto optimal solutions [13], and then use them to guide
the selection of the final design choice [15]. A solution is Pareto when
a feasible decrease in one design metric causes at least one other de-
sign metric to increase. Solutions that are not Pareto are generally dis-
carded, because at least one design metric can be further improved with
no cost to any of the other design metrics. The collection of all Pareto
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solutions is called the Pareto frontier. To facilitate visualization of de-
sign choices, usually only a small number of performance metrics (no
more than three) is considered in the optimization, while the rest of the
performance metrics are included in the constraints.

For flexure mechanism design, we choose the design variables to be
the joint stiffness (which is determined by the joint geometry) and joint
locations, the performance metrics based on manipulability and stiff-
ness, and design constraints based on joint stress and mechanism size.
Once the Pareto frontier is generated, e.g., by using the normal con-
straint method [16], secondary criteria such as performance sensitivity,
dynamic characteristics, and manufacturability may be used to deter-
mine the final design parameters.

A. Manipulability

Manipulability is characterized by JT as in (5). Depending on
the design objective, different metrics may be imposed. An important
consideration in the choice of design metric is the mixture of different
units in JT (due to both translational and rotational components of
the task velocity). The danger of ignoring this unit inconsistency has
been pointed out in hybrid position/force control [17]. This issue may
be addressed by choosing a weighting matrix to balance the transla-
tional and rotation components of the motion [18].

If it is desirable to have an isotropic mechanism (the task frame
is equally easy to move in all directions, for active joint motion con-
strained in a unit ball), then the metric to minimize may be

�M(JT ) =
smax(JT )

smin(JT )
� 1

2

(21)

where smin and smax denote the minimum and maximum singular
values, respectively (equivalently, the lengths of the principal major
and minor axes of the manipulability ellipsoid).

It may also be desirable to maximize the overall workspace. In this
case, we can choose to maximize the volume of the manipulability
ellipsoid by minimizing the metric

�M (JT ) =
j

sj(JT )

�1

: (22)

If it is desired to increase manipulability in directions given by the
unit vectors fuig and decrease manipulability in directions given by
fvig, then a possiblemetric tominimize is the followingweighted sum:

�M (JT ) =
i

�i u
T
i J

T
T JT ui

�1

+
i

�i v
T
i J

T
T JT vi : (23)

B. Task-Space Stiffness

The task-space stiffness is defined from the force balance between
the applied external spatial force fT and the corresponding task-frame
displacement �xT

fT = KT�xT : (24)

Rewrite the force balance (6) as

� = J
T
T fT + J

T
C fC : (25)

By assumption, JC is full row rank, therefore, JC is full row rank. Let
JC be the full column rank matrix whose column space coincides with
the null space of JC . Then

JC
T
� = JC

T
J
T
T fT : (26)

Substituting in (24) and using the differential kinematics [top portion
of (1)], we get

JC
T
� =JC

T
J
T
T KT�xT

=JC
T
J
T
T KTJT�q: (27)

Assume the joint torque is related to the joint displacement through a
linear spring relationship

�a

�p
=

Kq 0

0 Kq

K

�qa

�qp
(28)

whereKq denotes the active joint stiffness, and Kq denotes the pas-
sive joint stiffness. If proportional-derivative type of feedback is used
for the active joints, then

Kq = K
(p)
q +K

(a)
q (29)

whereK(p)
q denotes the passive portion, and K(a)

q denotes the propor-
tional feedback gain.

Substituting (28) into (27), we get

JC
T
Kq�q = JC

T
J
T
T KTJT�q: (30)

From the kinematic constraint [bottom portion of (1)], we know �q

may be expressed as

�q = JC� (31)

for some vector �. Substituting into (30), we get

JC
T
KqJC� = JC

T
J
T
T KTJTJC�: (32)

Since this holds for any �, we obtain

JC
T
KqJC = JC

T
J
T
T KTJTJC (33)

which can be used to solve for the task-space stiffness

KT = (JTJC)
�T

JC
T
KqJC(JTJC)

�1
: (34)

If the mechanism is kinematically stable, i.e., JC is square invertible,
then

JC =
I

�J�1C JC
(35)

and (33) becomes

Kq + J
T
C J

�T
C Kq J

�1
C JC = J

T
T KTJT (36)

which is the same expression as obtained in [19].
Similar to the manipulability matrix, different metrics based on KT

may be used, depending on the application. For example, in [19], the
goal is to ensure the stiffness matrix is decoupled. In that case, the
metric may be chosen to be

�K(KT ) = KT diag (KT )
�1 � I (37)

where diag (KT ) is KT with all off-diagonal terms set to zeros. If
maximum stiffness is desired, the metric may involve maximizing the
volume of KT or minimizing its reciprocal

�K(KT ) =
j

sj(KT )

�1

: (38)

If it is desired to increase stiffness in directions given by the unit vec-
tors fuig and decrease stiffness in directions given by fvig, a possible
metric to minimize is the following weighted sum:

�K(JT ) =
i

�i u
T
i KTui

�1

+
i

�i v
T
i KT vi : (39)
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Fig. 4. Schematic of NIST 1-D mechanism.

Fig. 5. Flexure joint in NIST 1-D mechanism.

V. EXAMPLE: NIST 1-D STAGE

A. Mechanism Architecture

A 2-DOFmacroscale precision motion stage using flexure joints was
designed and fabricated by NIST [20], [21]. Several 1-DOF mesoscale
(about the size of a credit card) models have also been built [22]. A
schematic of the mesoscale mechanism is shown in Fig. 4. A piezo-
electric actuator transmits the y-axis motion through joints 1 and 4 to
the two lower arms. These arms pivot about joints 2 and 5, and move
the output stage through joints 3 and 6. To support the output stage (and
to reduce the angular crosstalk, i.e., undesirable angular motion), two
additional arms also support the platform through joints 7–10. The goal
of the design is to achieve desired manipulability (pure translation in y)
and stiffness (large stiffness in the angular and x directions). The joints
are constructed as circular notch joints (see Fig. 5 from [20]). However,
depending on the exact joint model used, the design result would be dif-
ferent. This is discussed in the next section. By replicating the design
along the orthogonal axis, a 2-DOF version has also been designed and
built. Such stages are currently being considered for satellite optical
communication [23].

B. Kinematic Models

Themechanism consists of six kinematic chains (1–3, 2–3, 4–6, 5–6,
7–8, 9–10) constrained at the platform. This means that there are 15
total constraints [five loops involving (x; y; �)].

If all the joints in Fig. 4 are chosen to be idealized 1-DOF rotational
joints, then there are 10 passive DOFs and the mechanism is overcon-
strained (JC is 15� 10). Indeed, in this case, the mechanism cannot
move from the equilibrium position shown. This means that the 1-DOF
joint approximation is not adequate to describe this mechanism. We
consider several possible modifications below; FEA simulation will be
used to determine which model gives the closest prediction.

• Case A: Replace joints 1, 3, 4, 6, 8, and 10 by two rotational
joints connected by a short rigid segment (cantilevered joint
model Kc). The motivation of this assumption is to allow ro-
tation, as well as shear type of translation, at these joints. Joints

TABLE I
OVERALL STIFFNESS FOR CASES A, B, C

2, 5, 7, and 9 serve as pivots, and are retained as pure rotational
joints (circular notch joint model Kr). In this case, there are 16
passive joints and 15 constraints, i.e., JC is rank 2 (including
one active joint). Since JT JC [in (33)] is rank 2, only the x-y
components of KT can be determined.

• Case B: Replace all joints by double joints (cantilevered joint
model Kc). Now there are 20 passive joints and 15 constraints,
and KT may be fully determined.

• Case C: Replace all joints by the 2-DOF (rotation + shear) cir-
cular notch joint with

Kp =
Kr 0

0 Ks

:

In this case, there are 20 passive joints and 15 constraints, and
KT may also be fully determined.

The flexure mechanism is made from 6061-T6 aluminum alloy. The
Young’s Modulus is E = 70 GPa. The four quadrants of the stage are
nominally all symmetric. We use the following dimension:

a = 1:5 mm; b = 15 mm; R = 0:21 mm; d = 8:63 mm:

For cantilevered joints, the passive joint stiffness is calculated using
(14) with L = 2R = 0:42 mm, t = 0:1 mm, and p = 6:35 mm

Kc = 0:40
N-m

rad
:

The actuator stiffness is given by [22]

Ka = 2:16� 107
N

m
:

In all cases, the task-space Jacobian is [the task coordinate is ar-
ranged as (�; x; y)]

JT =

0

0

�10:00

showing only the y-direction motion of the task frame.
The x-y portion of KT is computed using (33). The result for the

three joint assumptions are summarized in Table I. Since the actuator
can only move in the y direction, its stiffness Ka only affects the y

component ofKT . The x direction stiffness is much lower forCases B
and C than Case A. This is due to the additional DOFs in the joints. To
determine which joint model to use, we apply FEA to the mechanism
to determine the task-space stiffness as

Kx = 1:78� 107
N

m
; Ky = 1:71� 104

N

m
:

Assuming FEA is a better approximation of the reality than the lumped
model, Cases B and C show better match than Case A, indicating the
importance of including an additional DOF in the joints. Significant
amount of error still remains, but we shall see that the trend (in stiffness)
remains valid for the model to be used for design optimization.
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Fig. 6. Pareto frontier for joint model C.

C. Design Optimization

To illustrate the design-optimization procedure, we choose to
maximize the y-direction manipulability and the relative stiffness
between the x and y directions. The following performance measures
are selected:

�1 =
102

J
(y)
T

(40)

�2 =
103

K

K

: (41)

Note that scaling constants are added to normalize between the two
measures.

For the maximum joint stress constraint, we use the yield stress for
AL6061-T6, �max = 220MPa. The maximum stress constraint is im-
posed when the active joint is at its maximum extension �qa =
9:1 �m. Equations (15) and (16) are used to calculate the joint stress
for circular notch joints and cantilevered joints, respectively. In this
case, the maximum allowed joint deflection for the circular notch joint
is 0.62�, and for the cantilevered joint 0.11�. The design parameters are
chosen to be (a; b; L; t) with the bounds (based on maximum overall
size and manufacturability)

0:5 mm � a � 4:5 mm

5 mm � b � 45 mm

0:142mm �L � 1:275 mm

0:03 mm � t � 0:3 mm:

Since the stiffness of joint models B and C match similarly with the
FEA prediction, and both are better than the joint model A, we will
only consider joint model C.

The Pareto frontier for joint model C is calculated using the normal
constraint method [16] in MATLAB, and is shown in Fig. 6, which
contains all the Pareto solutions. Additional considerations, such as
parameter sensitivity or dynamics characteristics, are usually used to
determine the final design. As an example, we combine the two design
metrics with equal weights

� = 0:5�1 + 0:5�2:

The resulting design variables are shown in Table II. The corresponding
manipulability and stiffness are

Jy =20:61
N

m
; Kx = 4:11� 107

N

m

Ky =0:71� 104
N

m

Ky

Kx

= 0:17� 10�3:

TABLE II
INITIAL VERSUS FINAL DESIGN VARIABLES

Compared with the nominal design (from Table I, without Ka)

Jy =10;Kx = 1:18� 107
N

m
; Ky = 1:91� 104

N

m
Ky

Kx

=1:62� 10�3

it is clear that both �1 and �2 are improved. To validate this design,
FEA simulation is performed with the final design variables, with the
following manipulability and stiffness values:

Jy =19:10;Kx = 3:7� 107
N

m
; Ky = 1:14� 104

N

m
Ky

Kx

=3:08� 10�4:

Though these values (especially stiffness) deviate from those predicted
by the pseudo rigid-body model, both �1 and �2 still improve over the
nominal design.

VI. CONCLUSION

In this paper, we have presented new analysis and design tools for
parallel flexuremechanisms. The key difference between flexuremech-
anisms and parallel mechanisms with conventional joints is that kine-
matic stability is no longer a design consideration. Instead, task-space
stiffness needs to be designed to avoid undesiredmotion in the presence
of external loads. We pose the design problem as a multiobjective opti-
mization, with manipulability and stiffness as performance measures,
and maximum joint stress and design parameter bounds as constraints.
A 1-D stage designed by NIST is used as an example to illustrate the
modeling and design approach. It is shown that a design with equal
weighting on manipulability and relative stiffness improves over the
nominal design. We also note that the different joint assumptions can
significantly affect the result. By using FEA as a validation tool, we
show that a 2-DOF circular notch joint (with rotation and shear) per-
forms better than other lumped joint models. We are currently incor-
porating out-of-plane stiffness in the performance criterion, as well as
pursuing designs for different micromechanisms, including microgrip-
pers and multi-DOF planar stages.
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Vibration-Based Terrain Classification for
Planetary Exploration Rovers

Christopher A. Brooks and Karl Iagnemma

Abstract—Safe, autonomous mobility in rough terrain is an important
requirement for planetary exploration rovers. Knowledge of local terrain
properties is critical to ensure a rover’s safety on slopes and uneven sur-
faces. Visual features are often used to classify terrain; however, vision can
be sensitive to lighting variations and other effects. This paper presents a
method to classify terrain based on vibrations induced in the rover struc-
ture by wheel–terrain interaction during driving. This sensing mode is ro-
bust to lighting variations. Vibrations are measured using an accelerom-
eter mounted on the rover structure. The classifier is trained using labeled
vibration data during an offline learning phase. Linear discriminant anal-
ysis is used for online identification of terrain classes, such as sand, gravel,
or clay. This approach has been experimentally validated on a laboratory
testbed and on a four-wheeled rover in outdoor conditions.

Index Terms—Mobile robots, pattern classification, robot sensing sys-
tems, rough terrain.

I. INTRODUCTION

Planetary exploration rovers are being proposed for missions to
increasingly challenging locations [1]. These may include craters,
hills, and ravines, where rocky outcrops might yield glimpses of a
planet’s history. To safely traverse slopes and highly uneven terrain,
knowledge of local terrain properties is critical, since terrain con-
ditions can strongly influence rover mobility. For example, a rover
might climb a rocky slope with ease, but slide down a sandy slope
of the same grade. Similarly, a rover traversing loose sand could
become entrenched, where a rover crossing packed soil would face
no such danger. Terrain-class knowledge would allow a rover to adapt
its control and/or planning strategy to safely and efficiently traverse
terrain of varying compositions.

Previous research on terrain classification has focused mainly on
remote classification using vision or range data. Navigation systems
employing these data have been demonstrated by researchers at the
Jet Propulsion Laboratory, the National Institute of Standards and
Technology, and Carnegie Mellon University [2]–[4]. Classification
algorithms that rely on visual features (such as color or texture) are
often sensitive to variations in illumination. In addition, vision-based
classifiers usually detect features associated with the topmost terrain
surface, which may not be the load-bearing surface of interest. An
example of this is vegetation-covered terrain, or crusty Mars terrain
covered by a thin layer of drift material. Recently, researchers have
developed methods for estimating the location of this load-bearing
surface [5]. Note, however, that this is not a classification method.

Other algorithms have employed range data to emphasize detection
of geometric obstacles, such as rocks or steep slopes [6], [7]. These pa-
pers do not explicitly classify terrain, or address the issue of the soil
itself being a hazard. Such a hazard can be termed a nongeometric
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