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TOKAMAK BURN CYCLE STDDY:

A DATA. BASE FOR COMPARING LONG PULSE AND

SrEADT-STATE POWER REACTORS

D. A. Ehst, J. N. Brooks, Y. Cha, K. Evans, Jr., A. Hassanein,
S. Kim, S. Majumdar, B. Misra, and M. C. Stevens

Fusion Power Program

ABSTRACT

Several distinct operating modes (conventional ohmic, non-

inductive steady state, internal transformer, etc.) have been

proposed for tokamaks. Our study focuses on capital costs and

lifetime limitations of reactor subsystems in an attempt to quan-

tify sensitivity to pulsed operation. Major problem areas con-

sidered include: thermal fatigue on first wall, limiter/divertor;

thermal energy storage; fatigue in pulsed poloidal field coils;

out-of-plane fatigue and eddy current heating in toroidal field

coils; electric power supply costs; and noninductive driver costs.

We assume a high availability and low cost of energy will be man-

datory for a commercial fusion reactor, and we characterize

improvements in physics (current drive efficiency) and engineering

(superior materials) which will help achieve these goals for dif-

ferent burn cycles.
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Chapter 1. IRTRODOCTIOH AMD OVERVIEW

Historically, most plasma experiments have created dense, hot plasmas for

relatively short periods, and only a few concepts (mirrors, EBT) were felt to

potentially offer steady-state operation. The tokamak was originally envi-

sioned to provide the basis for potential fusion reactor which would operate

on a pulsed cycle, albeit at high duty factor. Design studies over the years

have identified many perceived shortcomings for operation of a pulsed tokamak

reactor. These issues are concerned with the costs of thermal at>d electric

energy storage, thermal fatigue in the blanket, first wall, and other high

temperature components, and mechanical fatigue associated with oscillating

magnetic fields.

There was a measure of enthusiasm, therefore, when it was recently dis-

covered that tokamaks can be operated in a purely steady-state mode, via con-

tinuous wave (CW) rf heating and current drive. The STARFIRE tokamak reactor

study capitalized on the advantages of CW operation to demonstrate that such a

fusion power plant could be economically competitive in producing electricity.

The principal concern with CW tokamak operation is the efficiency of

generating the toroidal current by noninductive means. If a 10-MA toroidal

current requires much more than 100 MW of auxiliary power absorbed in the

plasma this may represent .an unacceptable circulating power fraction and an

unacceptably large capital cost for the driver. In fact, the STARFIRE design,

based solely on theoretical prediction for a lower hybrid wave driver,

achieved acceptable driver power only by resorting to an unorthodox (hollow)

current density profile. Moreover, experiments (e.g., PLT/ALCATOR C) are con-

firming the theoretical predictions for lower hybrid waves; scaling from

present-day results, we would expect centrally peaked current density genera-

tion in a reactor with an efficiency of only y ~ 0.01 A/W.

There are several proposals to improve this situation. Alternative dri-

vers such as the compressional Alfven wave are theoretically superior to the

lower hybrid wave, and one goal of our study is to quantify how large y must

be in order to make CW operation attractive. Another suggestion is to use

^ noninductive drive only during low density periods, when the ratio of current

to driver power, I/P^, is large. (For all noninductive drivers
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where n Is the electron density.) One possibility here is to initiate the

full current at low density via noninductive means and then sustain the dis-

charge with an external transformer during high density fusion operation.

This extends the burn relative to the conventional ohmic operating mode since

transformer volt-seconds are not consumed in establishing the poloidal

fields. An alternative suggestion, called internal transformer operation,

would eliminate the external transformer, allowing the current I to resis-

tively decay a small amount during a short period of high density operation

and then repeating this cycle. Finally, a hybrid cycle was proposed in which

I remains constant, driven at high density during the fusion burn by an exter-

nal transformer, and at low density by a noninductive driver while the trans-

former is reset. The sundry burn cycles considered in our study are described

in more detail in Chap. 2, but we will summarize here qualitatively the

results of our preliminary comparison. A more quantitative comparison is made

in Chap. 7.

The internal transformer (IT) cycle appears least attractive due to the

exceedingly large number of cycles it requires over the life of the reactor.

This stems from the desire to limit the current oscillation, AI, to a rea-

sonable fraction of the average value, I. Burn periods considerably less than

103 s are likely, resulting in unacceptable fatigue damage to the first wall

and limiter. Likewise, frequent cycling of the equilibrium (EF) magnetic

field will cause large increases in magnet costs to withstand mechanical fati-

gue. In addition, the duty factor is lowest of all the cycles. One advantage

is that the toroidal current remains nearly full value at all times, which may

reduce the likelihood of disruptions. There also appear to be modest cost

savings in the electrical and thermal energy transfer system (ETS) in compari-

son with conventional ohmic operation. Finally, the IT cycle requires no

ohmic heating coil (OHC), representing a direct cost savings and permitting

the design of a more compact tokamak with smaller major radius.

The ohmic burn (OH) cycle is more attractive. At the expense of rather

large major radius it is possible to design an OHC which delivers burn periods

of >1 h. This reduces the thermal and mechanical fatigue problems. However,

the ETS is a very large cost penalty for pulsed operation; for the OH cycle

the direct ETS capital cost can exceed several hundred million dollars. Due N

to these cost penalties the OH cycle would appear economical only if current '
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drive efficiencies were y <£ 0.01 A/W, assuming a nonlnductive driver were to

cost on the order of a dollar per watt.

The hybrid cycle provides quantitative improvements relative to the OH

cycle. For the same major radius and burn time as the OH reactor, the hybrid

would require a less expensive OHC and a less expensive ETS. Alternatively,

for the same cost as an OH reactor this burn cycle could provide a longer

fusion burn period, resulting in a higher duty factor (more net power) and

fewer lifetime cycles (less fatigue and more reliability). Potentially large

savings in the toroidal field coil structural costs are projected, since the

EF fluctuations are relatively small. Additionally, the ability to maintain I

at constant values for long periods may reduce the probability of major dis-

ruptions. We infer that this cycle is competitive for 0.01 A/W <, y <» 0.1 A/W.

If y ;> 0.10 A/W the CW cycle is by far most attractive. Thermal and mag-

netic fatigue is practically eliminated since steady-state fusion operation is

possible for months at a time. Thermal energy storage is not required between

burns, and the poloidal magnets can be energized over long periods, so elec-

tric power supplies are very inexpensive. The complete ETS costs are esti-

mated to be ~$10 M, which is negligible compared to the systems for pulsed

cycles. The absence of changing plasma conditions may augur for the nonexis-

tence of plasma disruptions. Furthermore, the prospect of truly steady-state

operation promises to increase system reliability in myriad small subsystems

which have not been studied or even invented to date.

The comparisons presented herein should be viewed as a preliminary study

of problems and advantages associated with specific burn cycles. System

availability is impossible to truly estimate in the advanced devices we are

considering. Since availability as well as capital cost determine the eco-

nomics of power generation we can only discern general trends from the data

presented. More consistent integrated designs of systems optimized for dif-

ferent burn cycles will be necjssary in order to better quantify the advan-

tages of long pulse tokamak operation.
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Chapter 2. M03ELS FOR BORN CYCLE ANALYSIS

This study ains to compare cost and performance of tokamak reactors

operating under different burn cycle assumptions. To clarify differences

among the cycles it is desirable to hold as many characteristics as possible

constant. Thus we select certain reference systems and analyze performance

sensitivity as one parameter is varied independently from others. This chap-

ter briefly describes the reference models used.

2.1 Reference Reactor Syste

Two basic tokamaks were considered in our study. The "7-m reactor" has a

major radius RQ = 7.0 m and has a plasma quite similar to that in the STARFIRE

reactor, d ) This device, with parameters given in Table 2-1, has a small

"hole in the doughnut" and cannot be driven inductively, since a practical

transformer would have too few volt-seconds to ramp the plasma current up to

its full value. This tokamak serves as a model for burn cycles (continuous

and internal transformer) which have no external transformer. The second toka-

mak, the "8-m reactor", was selected to characterize performance of burn

cycles with inductive current drive (ohmically heated and hybrid cycle). This

tokamak, with Rfl = 8 m and other parameters given in Table 2-2, is by no means

an optimized design but is merely indicative of the size needed to obtain

fusion burns £10^ s with inductively driven current. Both basic tokamaks were

selected with a similar minor radius, so the 8-m reactor has a larger aspect

ratio, A. Beta was scaled as B = 0.24/A, with a vertically elongated plasma,

K = 1.6. The plasma cross section has mild triangularity, d = 0.2; as noted

in Chap. 5, if a more highly shaped plasma were specified this would aggravate

the difficulties of designing the magnets for the transformer-driven reactors.

For this study a low safety factor (<iaxis " l»0, q^im
 = 2.5) equilibrium was

selected with a centrally peaked current density.

Accurate calculations of the plasma parameters were done with the TRAC-II

code by specifying impurity levels and the confinement parameter nx. Figure

2-1 shows the performance of the 7-tn reactor with the maximum toroidal field

(at the inboard magnet leg) set at B^ » 11.1 T, for various plasma tempera-

tures. For T > 10 keV the fusion power drops roughly as Pf « T~l. However,
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TABLE 2-1

7-m Reference Reactor

A - 3.6

K = 1.6

d = 0.2

et= 0.067, 3* = 0.0854

q
-ANL

R

- 1.4

* 1.0-2.5

= 1.59

aF -1.5510

a j - 0.4764

<5 = 0.0770

7.0 m
w

a • 1.94 i

= 1.2 m

^ = 0.2 m

Aw = 769 m2

Vp = 820 m3

% = U . 2 T

BQ = 5.35 T

I o = 14.8 MA

3nF = 0.689 T

4FC • 80 k s i

0 . 9 4 m

0 . 4 2 m

3 .19 m

13 .02 m

ATFC
ASUP

t f ** t x = 8.5 x 106 s

t o f f - 2.0 x 106 s

Nf = % = 120

an - 0.3

Or * 1. 1

98 d

24 d

- 12 keV

= 13.9 keV

= 1.2 x 102 1 s/m3

i

± ' 0 . 1 1

± = 1.0

e
 =

 °*
26

D - 0.08

-. = 0.75

X e / n D - 28.6 x 10~5

n e - 1.90 x 1020 nf3

D

z ef f

prad

0.696 x 102 0 nT3

0.200

1.80

4230 MW

3380 MW

846 MW

704 MW

p l im = 1 4 5 MW

Pd = 0 MW

P n = 0.601 MW

Wn = 4.40 MW/m2

W r a d = 0.917 MW/m2

P t h = 4699 MW

P_ = 1689 MW

P net 1604 MW

L = 14.1 \iE

R = 2.74 nfi

I 0L = 209 V-s

zer 0.041 V
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""ABLE 2-2

8-m Reference Reactor

A = ',.0

< " 1.6

d - 0.2

8 t - 0.060, 0* - 0.0767

"p

q
ANL

B S F

1.4

1.0-2.5

1.81

aF - 1.494

aj = 0.5300

6 - 0.0804

l 0 = 8.0 m

a - 2.0 m

L = 1.2 m

ly = 0.2 m

V = 903 m
2

7p = 992 m
3

Jy = 9.81 T

Jo = 5.64 T

[n = 13.0 MA

0.578 T

4FC - 40 ksi

i . 08 m

0.35 m

ÔH
 =

 0*50 m

R0H = 2.93 m (inboard)

AB
0H

 ~ 20.0 T

A
TFC

&
SUP

c
off

N f

4.06 m

14.15 m

8.4 x 103 s - 2.3 h.

90 s

1.22 x 10
5
 (802 avai l . )

a^

Op

fe

s
xe

i

xj
5
Be

/ 5
D

R a

n

fiD
5
a

/ n
D

z
eff

p
f

p
n

P a

P
rad

P
.lim

P
d

P n

W
n

+ 0-3

- 1.1

- 10 keV

= 10.9 keV

= 2.0 x 10
2 1

 a/m
3

- 0.11

~ 1.0

- 0.26

« 0.08

- 0.75

- 18.6 x 10~
5

- 2.02 x 10 2 0 m-3

" 0.719 x 1O20 m~

- 0.238

= 1 . 7 0

= 3900 MW

= 3 1 2 0 MW

- 780 MW

= 687 MW

= 93 MW

= 0 MW

= 0 . 6 2 4 MW

- 3 . 4 5 MW/m
2

= 0.761 MW/m2

P
th = ! -

1 4 p
n

 + P
a

+ P
d 4337 MW

Pg = 0.357 ( P t h + 33) = 1560 MW

pnet " pg " 8 5 " [ V ° - 5 I • 1 4 7 5 MW

I
O

R
Spi t

L «

R =

I 0 L -

17 .2 VH

3.69 n«

224 V-s

0.048 V
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n « f"1 also, and low n is desirable for the 7-m device, which is driven
e e

noninductively. Therefore, a trade-off study was done by fixing fusion power,

Pf - 4230 MW, and neutron wall load, Wn - 4.4 MW/m2, and then finding the
required for various f. The results, shown in Fig. 2-2, indicate that

is minimum in the range of 6-10 keV and that n is nearly minimized for T > 8
e e "

keV. In order to better quantify the effect of plasma parameters on the non-

inductively driven 7-m reactor, several models of noninductive current drive

were considered.

One class of current drive techniques adds momentum or energy to the

electrons at suprathermal velocities. This method, which we dub high-speed

drive, is exemplified by lower-hybrid and high-speed magnetosonic waves, elec-

tron cyclotron heating, and relativistic electron injection, and is charac-

terized by a current drive efficiency^2^ j/p » 1.0 x 1018 (Te/ne) (j/p). This

ratio maximizes at relativistic velocities, for which j/p + 2(c/v2). Sub-

stituting this optimistic limit, we integrate the absorbed driver power, p(r),

over a density profile ne(r) = (l + a ^ n ^ l - (r/a)2] . For a current den-

sity j(r) = [1 + a. )j[l - (r/a)2]°^, we find the ratio of driver power to

toroidal current

,(0)

5.11 x 1020(l + a + a.)
*• n j '

where

For typical values a^ = 0.3 and cu • 1.0 we get

10 (0) 1 x 10 2 0 m-3

n

7.0 m

with /O) 0.21 A/W in the best theoretical case (the relativistic limit).

Roughly speaking then, driver power is proportional to n el 0 for high-speed

current drive. We have replotted our data in Fig. 2-3 to show how Bj, and Pj
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vary with T • The net electric power production, P_et, is estimated as Pnet "

0.357 Pth - 73 MW - [P^°Vo.7], where the thermal power is due to alpha heat-

ing, the driver power absorbed, and neutron heating with blanket enchancement:

P a + Pj ^ +1.14 PQ. For illustration we coated the driver hardware as

^ - $2.6 * P£°* (Watts), typical of rf systems.(2'3) From the figure we

see net power is insensitive to T as long as f > 6 keV, but the capital cost

for driver equipment is very large (>$300 M) so there will be incentive to

operate at Tg > 10-12 keV, which minimizes C^ . However, for Tg > 12 keV %

quickly oxceeds 11 T, and the credibility and reliability of such very high

field superconducting magnets is called to question.

Present-day experiments with lower hybrid current drive obtain signifi-

cantly lower efficiencies than the relativistic limit. We display P^ ' and

' in Fig. 2-4 for other values of y Net power drops dramatically for

Y'O) < 0.04 A/W, but more significant is the huge investment in the driver

system [P<j°) > 200 MW, C<°) > $400 M] for /°> < 0.1.

Low-speed wave drivers (congressional Alfven, low-speed magnetosonic, and

ion-cyclotron minority heating) as well as neutral beams are characterized by

a maximum in j/p occurring at subthermal electron speeds. In the beet case

(Alfven waves) j/p «• 130.(2' if we substitute this value of j/p and inte-

grate, assuming Te(r) = (l + - (r/a)] , we find

- TTRQ

((1 + 6.5 x 1019 (an +

For a. * 1.1, a. = 0.5, and a_ = 0.3, we obtain

10 keV

1.0 x 1020

n

7.0 m

with
(1) 0.16 A/W. Now we find driver power is proportional to ^e

This factor and are shown varying in Fig. 2-5. Capital costs for the

driver and net electric power are shown using the same algorithms as before.

12-14 keV, but unreason-

Figure 2-6 expands these

Once again net power and driver costs suffer for T < 12-14 keV, but unreason-

ably large Bu is needed to operate at T_ > 16 keV.
• (1) "results to include other values of y •
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From these trade-off studies several general conclusions are evident for

continuous noninductive current drive. First, there is strong incentive to

obtain y > 0.1 A/W in a reactor. Additionally it is highly desirable to hold

driver capital costs as low as possible, hopefully in the range $1/W. Final-

ly, the penalties of noninductive current drive are minimized by operating at

high T , which requires increasingly strong magnetic fields. For our study we
6

assume the maximum practical fields are those obtained in the STARFIRE

design,(I' B^ » 11 T. The parameters in Table 2-1 are based on this choice.

The 8-m reactor was sized under a slightly different set of constraints.

Since this device is the basis for inductively driven refctors it is specified

to produce less gross power than the 7-ra tokamak, which is assumed to naed

MOO MW of circulated power to drive the plasma current. Additionally, a

smaller wall load may be desirable for the 8-m reactor since it is a pulsed

machine, and a fluctuating thermal load is expected to be more damaging than a

constant heat load. Figure 2-7 shows the required toroidal field BJJ at vari-

ous fo to produce Pf = 3900 MW and Wn - 3.5 MW/ra
2. As in the previous cal-

culations, Ze£f denotes the level of impurities needed to obtain thermal power

balance in the plasma: Pa + P̂  + ?Q = Pra<j + ?nm' ?a
 is tne fusion-produced

power vested in alpha particles, P,j is the externally supplied (current drive)

power, PQ is the ohmic heating, ?i±m is the power lost (mostly to the limiter)

as particle kinetic energy, and Pra(j is the power loss as photons, which is a

strong function of

The selection of an optimum operating temperature for an ohmically driven

tokamak involves the issue of burn length. Assuming plasma resistance drops

with Tg we seek high-temperature operation to maximize the barn length. How-

ever, the larger BM needed to keep Pf constant as Te increases beyond ~8 keV

implies larger plasma curent, IQ, to maintain MHD equilibrium. In addition,
z
eff increases at higher Te and, roughly speaking, plasma resistance =

 z
eff*

-3/2
Hence the loop voltage scales as the product IgZe£f/T . As shown In Fig.

2-8, this factor decreases rapidly until f > 12 keV and only slowly at higher

f . Countering this drop in loop voltage is a decrease in volt-seconds stored

f (TFC) become thicker since By is getting larger. The result is a reduction

in the size of the hole in the doughnut; SQH* T n e figure shows R Q H versus f ,

and the burn length, tf, can be estimated by
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tf -

OH
AB - 25 V-8 - 1/2 LI0

I0R

OH

where AB is the field swing in the transformer, L is the plasma self-induc-

tance, R is the toroidal resistance, and 25 V-s is assumed for startup losses,
OH

For illustration we assume a double-swing transformer with AB - 2 x 10 T and

a resistance close to Spitzer,
R - 2.2 n« x Zeff[l0 keV/fe]

3/2 .

The result, shown in Fig. 2-8, is that tf is a broad maximum, nearly 101* s,

for 8 keV < T < 16 keV. In order to reduce the demands on the TFC we choose
~ e ""

to operate at the lower end of this range, where B^ is relatively small. Our

reference design, described in Table 2-2, operates at T • 10 keV with B^ »

9.8 T, substantially lower than for the 7-m tokamak. The number of fusion

cycles in 40 yr of operation at 80% availability is over 105.

2.2 Reference Burn Cycles

Noninductive current drive introduces considerable flexibility in design-

ing tokamak burn cycles. For our study we have identified five alternative

burn cycles, which are qualitatively distinct:

• Conventional obrtcally driven (OH) cycle. This cycle is shown sche-

matically in Fig. 2-9. The toroidal current is driven by a transformer, and

once the volt-seconds are consumed the current decays and the fusion burn is

extinguished. Both the current pulse, tj, and fusion power period, tj, are

the same, ~103-101* s. Thermal loads and magnetic fields (ohmic heating and

equilibrium) oscillate with the same periodicity. The figure illustrates

single swing transformer action (plasma current and equilibrium field always

in one direction), but double swing operation is also possible. Neutron

power, Pn, and fusion thermal power, Pa, are zero when the plasma density,

n.and temperature drop; during this down period, toff' thermal power must be

extracted from auxiliary storage units *o supply the steam generators. Previ-

ous studies™*^***) of the OH cycle have addressed some issues related to the

burn length.
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• Noninductive assisted startup. The wave forms for this cycle are

similar to the OH cycle. However, during the low density phase of startup,

noninductive current generation is utilized."' The advantage of this tech-

nique is the avoidance of large loop voltages, V,, which would otherwise be

needed to initiate inductive current during the low temperature, high resis-

tance (R) phase of the burn cycle. This elimination of large loop voltages

may facilitate the design of a conducting first wall around the plasma. In

addition, noninductiva current initiation may permit better control over the

current density profile early in the discharge when disruptions are particu-

larly virulent.

• Internal transformer (IT) operation. This mode of operation(8~10)

requires no external transformer. Instead, noninductive current drive is used

during periodic low density phases to boost toroidal current by a small incre-

ment AI. Between current drive periods the density is increased for full

fusion power production, and the current decreases resistively for a burn

length t => At « (AI/I0)(L/R). In order to keep the toroidal current nearly

constant (AI « I o), the burn is limited to a relatively short period (~102

s), and this mode will result in many times more total fusion cycles in the

reactor lifetime than the OH cycle. The fusion power oscillations lead to

thermal cycling, as in the OH cycle. The equilibrium field, BEF will also

fluctuate; even though toroidal current is nearly steady, poloidal beta, f$,

fluctuates from density cycling, and we note

„„ yo IQ
B [£n(8A) + g - 1.5] •

4TT R0
 P

Roughly speaking we can expect B11 variations on the order of half the full

field value, for a typical IT cycle. This cycle is shown schematically in

Fig. 2-10. A possible advantage of this cycle is that the current density

might be kept fairly constant, in a safe regime which does not permit major

disruptions.

• Hybrid transformer operation. A variation from the IT cycle, this

would use an external transformer to maintain IQ during the fusion burn and

then keep I- at full value with low density noninductive current drive while

the transformer is quickly recharged. ̂ ^ As with the IT, both thermal and
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magnetic fluctuations occur, but the fusion period is much longer, resulting

in fewer lifetime cycles. Compared to the OH cycle this mode benefits from

keeping IQ constant: equilibrium field power, PEF, may be smaller, downtime

(t ~f) may be shorter, periodic purging and plasma breakdown is avoided, and

disruptive regimes might be circumvented. Of course, an external transformer

is a necessary system for this reactor cycle and represents additional cost

and complexity.

• Continuous (CM) operation. This mode was the postulated mode used by

STARFIRE (Refs. 1 and 11) and is shown schematically in Fig. 2-11. This tech-

nique is only practical if noninductive current drive is sufficiently effi-

cient during high density fusion operation that the circulating power, Paux,

is a small fraction of the fusion power. With this proviso, however, reactor

operation is possible in principle for very long periods (months), until reac-

tor maintenance forces shutdown. Fatigue is expected to be of minor concern

[cwi

• t » -

'i

Pg + Pau,
By

t.ff

Perh

\

Fig. 2-11. Schematic CW burn cycle.
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since only a few hundred thermal and magnetic cycles occur in the reactor

lifetime. Thermal storage if eliminated, slow current and power ramps mini-

mize the cost of startup power supplies, disruptions may be very infrequent,

and additional design latitude (e.g. low aspect ratio"^') derives from elimi-

nating the external transformer. The main drawbacks are circulating power and

the capital cost of the noninductive driver hardware.

Our study focuses on the effects of cyclic operation on the following

reactor subsystems: first wall; limiter/divertor; blanket; thermal energy

storage; electric power supplies; ohmic heating (OHC) transformer; equilibrium

field (EFC) coils; and toroidal field (TFC) coils. In our assessment we fix

most reactor parameters as given in Tables 2-1 and 2-2 and study subsystem

sensitivity to a range of operating conditions for a single critical design

driver. As an example, we expect thermal storage costs to be closely depen-

dent on downtime, toff> between fusion burns but relatively insensitive to

such parameters as fusion burn length, tf, and neutron wall load, Wn. Table

2-3 lists the range of operating conditions relevant to the spectrum of burn

cycles described above. The lifetime number of fusion burns, N^, is found by

dividing tf into 1.01 x 10
9 s, the total operating life (40 y at 80% availa-

bility).

2.3 Toka»ak Subsystem Models

The design of tokamak reactors is the object of our present investiga-

tion; we have included multiple concepts for most subsystems in order to

reflect the uncertainty of'future technology.

In the case of the limiter structure we have studied two basic alterna-

tives. One system, representative of near-term technology, uses a copper

alloy for the heat sink structure and is water cooled (4 MPa, 130°C, flowing

at 8 m/s with an interface conductivity 5.684 W/cm2-K). A more advanced al-

ternative has a vanadium alloy heat sink with liquid lithium coolant (4 MPa,

210°C, ~2 m/s, laminar flow with interface conductivity 3.45 W/cm2-K). The

actual geomecry is that proposed and analyzed in the STARFIRE study.'D The

front face of the limiter (that portion closest to the plasma, nearly tangen-

tial to the magnetic field) is modeled as a flat slab with a thermal load,

Wff * 1.5-3.5 MW/m
2. The leading edge (farthest recessed into tT.e limiter
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TABLE. 2-3

Burn Cycle Operating Windows

Parameters Range of Values Reactor/Cycle

Fusion period (s):

Low power period (s);

coff

Maximum l imi te r heat load (MW):

rlim

Maximum radia t ion f i r s t wall load
(MW/m*):

yrad

Maximum neutron f i r s t wall load
(MW/mz):

9 x

9 x

8 x

2 x

600

60

400
90
4

150
93
75

106

10*

103

103

(Nf

(Nf

(Nf

(Nf

(Nf

~ 120)

~ 1 x

~ 1 x

- 5 x

- 1 x

« 1 x

10*)

105)

105)

106)

107)

CW

OH

OH

OH

IT

IT

IT
OH
IT

CW
OH

(daylong burn)

reference

reference

reference

W,,

Minimum power levels and
wall loads during downtime

CW
OH reference

CW
OH reference

0 (nonzero levels possible for IT and
hybrid models)
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shldow, where the poloidal magnetic field appears almost normal to the sur-

face) is analyzed as a cylinder. Careful design of the limiter geometry is

expected to result in leading edge thermal loads smaller than those on the

front face; we consider W« = 0.75-1.75 MW/w2. For this study we assume the

entire limiter is laminated with a surface material specifically designed to

reduce sputtering poisoning of the plasma. The high plasma temperature at the

front face constrains our choice f. a small class of options, and we pick

beryllium as a typical coating. Near the leading edge the plasma temperature

is lower, and a larger number of options are possible. In this region we con-

sider both beryllium and tungsten as coatings.

The first wall is treated as a simple bank of cooling tubes.'**' One

option is water cooled (15 MPa, 300°C) with prime candidate alloy (PCA) for

the tube structure. We use 20% cold worked Type 316 stainless steel to model

the PCA properties. At these high pressures a thin wall tube requires a small

inner radius, and we consider r^ » 3-10 mm. The more advanced design utilizes

liquid lithium (2 MPa, 350°C) as a coolant and vanadium as the structure. The

low pressure permits relatively large radius piping; r^ = 25 cm is chosen.

The surface heat load, W J = 0.5-1.0 MW/m2, is assumed normal to the pipe

surface. Away from the limiter this heating is due mainly to photon radia-

tion, and the first wall is thus assumed to be bare structure. (In the vicin-

ity of the limiter charge-exchange sputtering may be significant and would

require a special surface coating. This region was not studied in our present

first wall lifetime analysis.)

Electrically the first wall is considered to be a good conductor, since

this feature is deemed desirable for disruption control. The resistive time

constant for a circular toroidal shell is''' T = 1.3 a d rC1. where T S is in

seconds and a is the minor radius in meters, d is the shell thickness in cen-

timeters, and n w is the shell resistivity in un-cm. For the first wall model

with water coolant we find T S » 20 ms for bare PCA tubes. However, a 1.0-mm

beryllium coating on the tube panel surface adds an additional 20 ms to the

time constant. Most importantly, this first wall concept is frequently sug-

gested in combination with a solid lithium blanket and ~5.0 cm of berylliim

neutron multiplier directly behind the first wall. This beryllium layer in-

creases the total T S to ~1000 ms. For the alternative first wall model, vana-

diira with lithium coolant, we note that vanadium has a lower resistivity than
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FCA and that lithium has an even lower value than vanadium. Considering in

addition the large volume of lithium flowing in the first wall (and blanket)

we find T_ > 1000 ms is also reasonable for this design concept.

One consequence of a highly conducting first wall is the possibility that

inductive startup of the toroidal current is made more difficult. For a con-

tinuous toroidal first wall the wall's circuit resistance is related to T S by

R w = 1.3 x 10~6 RO/T , in MKS units. For reactors we are considering, ^ =

10 lift - 100 ufi for xs in the range 1000 ms to 100 ms. A previous study^^)

has shown that the current ramp is delayed for R^ < 25 uft and that currents

> 1 MA are generated in the first wall for periods of order 1 s.

Two models have been selected for the blanket and thermal storage analy-

sis. One is similar to the STARFIRE design.'1' It has PCA structure with a

mass of solid lithium breeding compound (Li^O), which is penetrated by many

water-filled coolant tubes. The alternative blanket design assumes a liquid

lithium breeder, which is also the primary coolant, and vanadium structure.

Thermal storage is accomplished in former case with a high pressure water

system and with liquid sodium in the latter case.

Electric power supplies are needed to transfer energy to magnets. The

systems in this study are based on standard equipment, using present-day tech-

nology, since this was found to be the least expensive option. The equili-

brium field coils (EFC) are powered through silicon controlled rectifiers from

a motor-generator-flywheel set. A similar power train is used to reset the

ohmic heating coil (OHC) between fusion burns of the ohmically driven and

hybrid burn cycles. A third power system is needed for the ohmic burn cycle

in order to supply high loop voltage for startup; this power supply dumps con-

siderable energy from the OHC through a resistor. The dump resistor operates

with very high power transients but is relatively inexpensive.

The pulsed superconducting magnets (the OHC and EFC) as well as the

toroidal field coils (TFC) utilize the multifilament cable described in the

STARFIRE design.' ' Separate designs were developed for the OHC with maximum

fields of 8, 10, and 12 T, and a performance comparison was pursued. Only

niobium-titanium was considered for the OHC since the pulsed nature of its

operation would make NbgSn a poor alternative. Both 4.2 K and 1.8 K cooling
i

were examined. A large number of EFC configurations were developed; all EFC

designs used niobium-titanium at 4.2 K. In all cases a pumped limiter is
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assumed for Impurity control, so the EFC does not have to provide a poloidal

divertor field.

The TFC model is a critical input to this burn cycle study since the TFC

is a very expensive system and is sensitive to fatigue from out-of-plane bend-

inr. Our current focus is on one particular TFC design, described in the

STARFIRE study/1) This model calls for Nb3Sn in the high field region and

niobium-titanium elsewhere. The superconductor is housed in a helium vessel

at 4.2 K which is suspended by thin struts (of low thermal conductivity) from

an enclosing room temperature vacuum tank. Both vessels are constructed from

Typs 316 LN stainless steel (annealed). The overturning moments on the TFC

are resisted by the steel support cylinder (inboard) and shear panels (out-

board). This leaves unsupported free spans, along the top and bottom legs of

each TFC, which are restrained from gross bending by the stiffness of the

vacuum tank. (An alternative TFC model,'^' not considered in the present

study, would utilize cryogenic intercoil support structures at the top and

bottom and no shear panels outboard. The advantage would be better outboard

access and possibly less structure, but a disadvantage would be the extra

refrigerator power needed to extract eddy current heat from the larger volume

of cryogenic structure.)

2.4 Operating Conditions, Variables, and Lifetime Analysis

In order to facilitate this study we have fixed certain parameters and

set limits to others. We briefly describe these operating conditions in what

follows.

The first wall and limiter/divertor experience large surface heating, and

we must thoughtfully examine maximum permissible temperatures in these mate-

rials. Our temperature limits reflect the conclusions of previous fusion

materials studies.(16-18) Both candidate surface coatings are limited by

radiation induced swelling, beryllium to 700°C, and tungsten to 600°C.

Structural alloys are limited in temperature more due to thermal creep since

they must be fail-safe against mechanical stress. We limit PCA to ~500°C and

vanadium to ~600cC. Copper alloys are not well characterized for a fusion

environment, but extrapolating from very limited data (radiation swelling,

tensile strength, and ductility) we are compelled to limit this heat sink

material to ~250°C.

2-19



Our study considers only the thermal effects of disruptions (particle and

photon energy delivered to the first wall and limiter). Following the logic

presented in the INTOR study'*') we assume ~1.5 GJ of energy, equal to the

thermal kinetic energy plus one quarter of the electromagnetic energy, may be

dumped on portions of the first wall and limiter. The spatial deposition of

this thermal dump is presently difficult to predict, except that the limiter

is expected to absorb the brunt of the energy density due to its proximity to

the plasma. Additional experimental evidenceK y/ suggests the disruption

thermal load is distributed along the limiter surface in proportion to the

normal steady-state heating distribution. For our study we consider the fol-

lowing upper limits to thermal loads from disruptions: first wall <800 J/cm2,

limiter leading edge <1200 J/cm2, and limiter front face <2500 J/cm2. We note

that a reactor plasma has approximately five times the thermal energy as INTOR

and roughly twice the first wall/limiter surface area, so these energy densi-

ties are approximately two and one-half times the values considered in the

INTOR study.

The time scale for disruptions is also subject to much debate. Carreras

et al.(20) h a v e developed a theoretical estimate of the disruption growth

period, T = c(R2)m.niBoa
6V 7 3 ) 1 / 5 . whera units are MKS and amu with density in

1013/cm3. This theory assumes nonlinear interaction of the 3/2 and 2/1 tear-

ing modes in an inductively driven discharge without a close fitting conduct-

ing wall. Carreras showed close agreement of this scaling with data from many

tokamaks if C = 900 us. For our 8-m OH reactor, with V. = 0.048 V, we find r

= 86 ms. A conducting wall, however, may significantly affect tearing mode

behavior. Rutherford has argued'^1) that the m » 2 mode cannot grow faster

than the resistive time T of the conducting shell. As discussed in Sec. 2.3,

T may be as long as 1000 ms. Furthermore it was claimed that the 2/1 precur-
s

sor to the disruption may be stabilized if T > 0.3 T ._ _, . This is be-
s - sawtooth

cause the 2/1 mode is stable whenever q(0) < 1.0, as occurs during a saw-

tooth. For our reactors the sawtooth period is T _. * 2.6 s, so there is
sawtooth

indeed hope that disruptions will not occur. In this study we consider dis-

ruption times of 20 ms, 100 ms, and 500 ms. These time scales are much longer

than those from small tokamak experience, but they reflect the increase in

disruption time observed with larger plasma, higher currents, and hotter

temperatures.
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Al^o at issue is the question of how frequently disruptions will be

experienced in reactors. As our understanding increases on the subject of the

causes of disruptions^^) w e expect the likelihood of random disruptions will

decrease. Problems occur most frequently during current ramps in ohmic dis-

charges, so one model (which we adopt for our study) is to assign a probabil-

ity of disruption on each burn cycle. DOUBLET-III has documented^") disrup-

tion frequencies as low as 10"*2 of the discharges when the limiter qjjm =

2.8. In our work we examine frequencies of 10~2, 10~^, and 10"1* per burn

cycle. In our damage calculations we take the pessimistic assumption that on

each disruption the spatial distribution of the thermal dump is identical. We

note that for CW current drive this model of disruption frequency may not be

appropriate since there are only ~102 discharges in the 40-yr lifetime of the

reactor. Additionally we note that tearing mode theory has not been developed

for noninductive current drive, so we do not have a good feeling of how to

treat disruption frequency in this limit. One model, which should be studied

in future work, might be to assume disruptions occur after some arbitrary

period of operation (e.g., every 104 s or 105 s).

Fatigue damage to reactor structure is due to both fluctuating electro-

magnetic forces and varying thermal expansion and is studied with two distinct

methods. Thin structures (steel bands in the magnets) and cooling tubes

designed for high static primary pressures are analyzed with smooth sample

data curves (see Appendix A) which show the number of cycles to failure versus

the strain variation per cycle. The limiter constraints are modeled in the

manner of the INTOR configuration.^17^ Thick structural members (in the TFC

system), on the other hand, are assumed to have flaws which are initially

present but undetected due to the thickness of the structure. Prudent engi-

neering then dictates that a crack propagation analysis be undertaken for

estimating lifetime.

Radiation dose is assumed as follows. It is supposed that most of the

fusion alpha power leaves the plasma as photons, in order to reduce the

charged particle heat load on the limiter as much as possible. The first wall

heat load is thus taken as Wra(j •» (1/4) x Wn, where W n is the neutron wall

load. In the thermal hydraulic analysis of structure and cladding we use the

following nuclear bulk heating rates, normalized to W n * 1.0 MW/m
2: beryllium
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=» 7.8 W/cm3; tungsten • 23 W/em3; PCA • 10.8 W/cm3; vanadiun - 7.4 W/cm3; and

copper - 14.7 W/cm3. Radiation damage to structural materials is difficult to

gauge due to a paucity of data. It is felt, however, that radiation-induced

creep is less damaging than thermal creep, and values as high as 5% are

assumed acceptable in our thermal stress analysis. Based on a survey of

swelling and ductility measurements under neutron and charged particle radia-

tion we assign the following life limits for neutron fluence to structural

materials: copper - 4 MW-yr/m2: PCA - 12 MW-yr/m2; and vanadium = 24 MW-

yr/m2. These limits assume the temperature constraints on these materials,

given previously, are not violated.

Sputtering erosion of surfaces exposed to plasma is not explicitly calcu-

lated in this study. We note, however, that sputtering may be the most severe

life limitation to the limiter, calculations suggest cladding erodes at rates

as large as 10 cm/yr.^-'-'' We assume in situ recoating techniques will be

developed. In the lifetime analysis, though, we acknowledge that some struc-

ture (e.g.<, the limiter) may be replaced during annual maintenance periods.

We likewise note that sputtering depends strongly on the plasma edge tempera-

ture, which cannot presently be predicted. Thus, the suitability of limiter

coatings, such as tungsten and beryllium, depends on information which is not

presently known.

Our study ignores synergistic effects on material aging. As an example,

the thermo-physical properties of structural alloys are not degraded with time

in our fatigue cycle lifetime analysis. Nor is structural thinning from dis-

ruptions or sputtering considered in the fatigue analysis. Likewise, surface

crack initiation from disruptions is not considered in the analysis of fatigue.

The total number of fusion cycles in the reactor lifetime is based on a

40-yr assumed lifetime and 80% availability, which yields 1.0 x 109 s of

operation. Our philosophy is that all burn cycles must achieve this high

availability to be of interest to a utility. We attempt to calculate design

requirements and system capital costs needed to approach these goals. Except

where noted, all costs are in 1983 dollars. An accurate estimate of subsystem

reliability, mean time to replace failed components, and system availability

is obviously not possible at present. However, the data base presented here

provides a useful comparison of the relative attractiveness of the various

burn cycles to different reactor subsystems.
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Chapter. 3. FIRST WALL/LMITER/DIVERTOR

Twenty per cent of the fusion power in a deuterium-tritium (D-T) reactor

is deposited on the surfaces of the first wall and the limiter or divertor

neutralizer plates during normal operation. Thus thermal fatigue is expected

to play an important role in these structures for any burn cycle with a large

number of pulses. In addition, surface erosion is anticipated due to both

continuous sputtering and occasional large thermal dumps during plasma disrup-

tions. Another life limit is imposed by neutron damage to these structures.

The goal of this chapter is to identify the burn cycle conditions which maxi-

mize component lifetime, considering all these constraints simultaneously.

The capital cost for the first wall/limiter system is not large (~$4 M in the

STARFIRE design) compared to the overall power plant. However, the impact on

reactor operations is tremendous if these structures require frequent replace-

ment. The STARFIRE study estimated, for example, that a week to ten days

would be needed to remotely remove and replace a blanket sector and its first

wall structure. Such long periods for reactor maintenance appear uneconomical

to an electric utility, and we thus feel there is a strong motivation for

achieving lifetimes of many years for these components.

This chapter is organized as follows. The damage to surfaces exposed to

plasma disruptions is calculated first for a variety of assumptions. This

data serves as input to the lifetime analysis which follows. In the next sec-

tion the limiter is studied. The temperature profiles through the limiter are

calculated for various conditions, and then a stress analysis is done to

assess fatigue damage. The lifetime analysis of the limiter identifies the

optimum thickness for surface coatings to maximize lifetime against disrup-

tions, fatigue, radiation damage, etc. Finally, the fatigue life of bare

first wall coolant tubes is studied. Again an analysis is done to find the

optimum tube thickness for maximum first wall life. Our results are then

related to the burn cycle parameters in order to indicate the length needed

for a fusion burn in order to approach the benefits of purely steady-state

thermal operation.
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3.1

Disruptions can limit the lifetime of the limiter, divertor, and first

wall. The surfaces of these components are subject to melting and vaporiza-

tion resulting from the deposition of plasma energy in a relatively short

time. Induced current will result in forces and torques within the melt layer

which give rise to instabilities that can result in melt layer removal.^'

The primary disruption parameters are the energy deposition per unit

area, the disruption time, and the frequency of disruptions. A discussion of

the energy density range and deposition times considered in this analysis is

presented in Chap. 2. The reference disruption time is assumed to be 100 ms

and the range of energy densities vary as whether first wall, leading edge, or

the front face of the limiter is considered. The maximum energy density

deposited on the first wall is 800 J/cm2 and for the limiter the maximum is

2500 J/cm2. Two materials are investigated as potential first wall candi-

dates, i.e. stainless steel and vanadium. For the limiter also two coating

materials are considered: beryllium and tungsten. The thermal response and

the resulting vaporization losses and melt layer thickness are computed with

the A*THERMAL computer code.(2' The code solves the heat conduction equation

with temperature varying thermal properties and uses the surface temperature

to compute the evaporation rate. Moving boundary conditions are used to

account for surface recession from evaporation and also for solid-liquid in-

terface. For a review of the models used to calculate the evaporation see

Ref. 2. No vapor shielding has been accounted for in this analysis.(')

Figure 3-1 shows the total material erosion as a function of disruption

energy density for 100-ms disruption time (reference case), for both first

wall and limiter materials. Vanadium as a first wall material results in much

less erosion than stainless steel. At these energies the main material ero-

sion is from melting. For limiter materials, beryllium shows much higher ero-

sion than tungsten. The threshold energy density to induce melting in beryl-

lium is near 350 J/cm2 while for tungsten it is about five times higher. This

is mainly because of the very high melting point of tungsten.

The variation of the melting zone thickness and vaporization losses with

energy density for different disruption times is shown for berylliun in Figs.
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Fig. 3-1. Disruption damage for 100-ms thermal dump.

3-2 and 3-3, respectively. Shorter disruption times always lower the thres-

hold energy density required to induce melting and cause significant vaporiza-

tion. Longer disruption times usually result in larger melting zone thickness

and smaller vaporization losses while shorter disruption times result in

higher vaporization and less melting. This is mainly because for shorter dis-

ruption times there is not enough time for the energy to be conducted away in-

to the material and the resulting higher surface temperature produces more

evaporation and consequently less energy to be conducted to cause melting.

For the case with 2500 J/cm2 deposited in 500 ms on beryllium surface, a melt

layer thickness of ~1.0-ram thickness is developed. If this melt layer is un-

stable under the various forces existing in the reactor cavity, as is assumed

in this study, a complete loss of the limiter coating material can occu? after

a few disruptions. The total material erosion (including melting) is usually

less for shorter disruption times at higher energy densities.
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3.2 lialter

The "mushroom"-shaped limiter experiences qualitatively differing heat

flow at the front face and at the leading edge. The front face is tangential

to the poloidal magnetic field and is analyzed as a slab. Normal heating and

disruptive loads are assumed to be twice as large on the front face as on the

leading edge. However, the cylindrical geometry of the leading edge aggra-

vates the heat removal problem as the surface coating becomes thicker. The

constraints on the heat sink and surface coatings (tiles) also depend on these

differences in geometry. Here we compute temperature profiles in the first

subsection, and this is followed by a fatigue analysis. Finally, at the end

of this chapter, a lifetime study is performed in order to set fusion burn

goals for pulsed burn cycles.

3.2.1 Limiter Temperature Profiles

The objective of the thermal-hydraulics analysis is to provide tempera-

ture distribution in the coating and structural materials of the limiter.
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These temperature distributions will be used as input for stress analysis, and

will also be used to determine if the temperatures are within the acceptance

levels. One-dimensional steady-state analyses are carried out for both the

front surface and the leading edge of the limlter. A list of materials, cool-

ants, and parameter ranges covered in this study is provided in Table 3-1.

TABLE 3-1

Materials, Coolants, and Parameter Ranges
Employed in the Thermal-Hydraulic Calculations

Coating material Beryllium and tungsten3

Structural material/coolant Copper alloy/water and
vanadium alloy/lithium

Structural material thickness (mm) 1.5

Coating material thickness (mm) 1-20

Neutron wall loading (MW/m2) 3.45

Surface heat flux:

Leading edge 0.75, 1.25, and 1.75

Front surface 1.5, 2.5, and 3.5

aLeading edge only.

Analyses and results of the front surface and the leading edge of the limiter

are described in the following sections.

3.2.1.1 Analyses

The limiter front surface is modeled with a slab geometry shown in Fig.

3-4, where qs is the surface heat flux, Q is the nuclear heating rate, T is

temperature, k is the thermal conductivity of the material, is the thickness

of the material, x is the coordinate in the direction of the surface heat

flux, Tf is the mean bulk temperature of the coolant, and subscripts 1 and 2

refer to the structural and coating materials, respectively. Under steady-

state condition, the temperature distribution in the coating material is:
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where T12 is the temperature at the interface between the coating and the is:

where q12 is the heat flux at the interface between the coating and the struc-

tural material, and Tw is the structural temperature at the structure/coolant

interface. The heat fluxes at the two interfaces are given by:

q12 = qs + Q 2 * 2
 (3~3)

(3-4)

where qlf is the heat flux at the structure/coolant interface. In addition, Tw

is related to qif by:

qif - Tf) ,

where h is the heat transfer coefficient between the structure and the

coolant.

If it is assumed that perfect contact (brazed condition) exists between

the coating and the structural materials, then the temperature is continuous

across this interface. The interface temperature T l 2 can be obtained by let-

ting xx = 0 in Eq. (3-2):
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Tl2 "
qi2

2ki
(3-6)

For given h, tf, qg, Alf 12> Ql» Q2» and ki, k2, Eqs. (3-1) through (3-6) can

be used to calculate the temperature distributions in the coating (T2) and the

structural (TjJ materials for the front surface of the limiter.

At the leading edge, the effect of curvature should be included if the

thickness of the coating material is not small compared to the radius of cur-

vature at the leading edge. Figure 3-5 shows the geometry at the leading edge

COOLANT
CHANNEL

STRUCTURAL
MATERIAL

Fig. 3-5. Cylindrical geometry at the leading edge of a limiter.

of the limiter. The nomenclature in Fig. 3-5 is defined in the same manner as

those shown in Figs. 3-4 for the front surface except the radial coordinates

rls r2, and r3 now replace x^ and x2. The steady-state temperature dis-

tribution in the coating material is:

- T l 2 -
Q2

- r2r2)
4k2 ' v ™ 2

and the structural temperature distribution is:

(3-7)
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where qJ2 is again the heat flux at tfte,coating/structure interface. The fol-

lowing approximate energy balance is employed to determine the interfacial

heat flux

2irr2q12 - 2Tr(r3 - r2)(r2 + r3)(Q2/2)

or

V"3 T V2^X3qsr3 + Q2(rf -

r2
(3-9)

Similarly, the heat flux at the structure/coolant interface is given by:

qlf = -i2-2 i—^ i . (3-10)
rrl

The interfacial heat flux qlf is related to the interface wall temperature T w

by:

qlf = h(i^ - Tf) , (3-11)

and the interface temperature Tj, is obtained by letting r = r» in Lq. (3-8)

and by assuming perfect contact between the coating and the structural

materials,

T -T - (rf-r|)+l + 1 to ( — ] (3-12)
4k2

 i 2 \2k1 kl / \ri/

For given qs, h, Tf, Q t, Q2> k ^ k2> and r ^ r2> r3> Eqs. (3-7) through (3-12)

can be used to calculate the temperature distributions in the coating (T ) and

the structural (T ) materials.

Table 3-2 lists some values of the material properties used in the calcu-

lations. The heat transfer coefficient (h) needs to be determined.
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TABLE 3-2

Values of Some Material Properties
Used in the Calculations

Material

Beryllium

Tungsten

Copper alloy

Vanadium alloy

Thermal
Conductivity

(W/m-K)

100

130

120

28

Nuclear
Heating Rate

(W/cm3)

27

79

51

25

For water, the Dittus-Boelter correlation for fully developed turbulent

flow can be used, h • 5.66 x 101* W/m2-K was used for water, which corresponds

to a velocity of 11.7 m/s. For liquid lithium, the heat transfer coefficient

cannot be determined easily. It is known that the magnetic field suppresses

turbulence in liquid-metal flows. Thus, the flow in the limiter is likely to

be laminar. It is also known that the velocity profile of liquid-metal flow

in a transverse magnetic field is very sensitive to geometry and the orienta-

tion of the field. For the present study, it is conservatively assumed that

the heat transfer coefficient is equal to that of laminar, fully developed

flow in a rectangular duct. The actual value of h used for liquid lithium

turns out to be in the same order of magnitude as the h for water. Thus, a

value of h = 5.66 x lO4 W/m3-K is also used for liquid lithium.

3.2.1.2 Results

Figure 3-6 shows the variation of the maximum coating temperature for

various surface heat fluxes at the front surface of the liiniter. The corres-

ponding variation of maximum structural temperature with coating thickness is

shown in Fig. 3-7. In both Figs. 3-6 and 3-7, the coating material is beryl-

lium and the structural material is copper alloy. The coolant used is pres-

surized water and the mean bulk fluid temperature is assumed to be 130°C. It

can be observed that maximum coating temperature increases almost linearly

with coating thickness while maximum structural temperature is almost indepen-

dent of the coating thickness. Both maximum coating and structural tempera-

tures increase with surface heat flux. Similar results are obtained for using
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lithium as coolant and vanadium alloy as structural material, and these

results are shown in Figs. 3-8 and 3-9. The only difference betweem using

water and lithium as coolant is the bulk fluid temperature, A maximum bulk

temperature of 210°C is assumed for liquid lithium. This plus the relatively

low conductivity of vanadium alloy resulted in much higher structural tempera-

ture compared to the case of using water as coolant and copper alloy as struc-

tural material. However, this does not mean copper is superior to vanadium

since the acceptable temperature level for vanadium is higher than that of

copper.

The choice of 210°C for lithium bulk temperature is on the low side.

Lithium has a melting point of ~180°C. The inlet temperature of lithium

should be, say 50°C above the melting point in order to avoid operating too

close to the solidification limit. Thic plus some additional temperature rise

through the limiter could make the maximum lithium temperature higher than

210°C assumed here. However, it should be noted that the trend of the results

will not be affected by the choice of the bulk lithium temperature. A choice

of a higher lithium temperature will shift all the temperatures upward by the

same amount. The slopes of the temperature profiles remain unaffected.

Figures 3-10 and 3-11 show the results at the leading edge with water as

coolant and beryllium/copper as coating/structure materials. It can be

observed that both maximum coating and structural temperatures increase with

coating thickness. The increase in structural temperature with coating thick-

ness at the leading edge is the result of reduction in heat transfer area rad-

ially towards the coolant channel as shown in Fig. 3-5. Similar results,

shown in Figs. 3-12 and 3-13, are obtained with tungs ten/copper as coating/-

structure materials. Tungsten has a higher thermal conductivity than beryl-

lium, but it also has a higher nuclear heating rate compared to bei*yllium

(Table 3-2). When surface heat flux is controlling (high heat flux and rela-

tively thin coating), the difference in maximum temperature between tungsten

and beryllium is relatively insignificant. When nuclear heating is control-

ling (relatively low surface heat flux and thick coating), the difference in

temperature between tungsten and beryllium becomes more pronounced. In the

latter situation, the tungsten temperatures are appreciably higher than the

3-11
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Fig. 3-12. Maxmum coating temperature versus coat-
ing thickness for various surface heat
fluxes at the leading edge of a limiter.
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coating thickness for various surface
heat fluxes at the leading edge of a
limiter.



beryllium temperatures for the same surface heat flux and coating thickness.

This is also true for the substrate (copper) temperatures. Figures 3-14

through 3-17 show the similar results when lithium is used as coolant and

vanadium is the structural material.

Figure 3-18 shows the typical temperature distribution in the coating

material at the leading edge. When the coating material is relatively thin,

the temperature distribution is very close to linear. When the coating be-

comes relatively thick, the temperature distribution is no longer linear.

This is also true for the temperature distributions in the front surface of

the limiter. Figure 3-19 shows the variation of the coating/structure inter-

face temperature with the coating thickness for various surface heat fluxes.

The interface temperature increases with coating thickness and surface heat

flux almost linearly.

Finally, it should be noted that the results described here are based on

the analyses described in Sec. 3.2.1.1. The analyses are limited to one-

dimensional, constant property, and conduction-controlled (no thermal radia-

tion) heat transfer problems. Thermal radiation becomes important only when

the coating temperature is relatively high. There will be some correction of

the coating temperature when it is high, but the correction is likely to be

small when the coating temperature is below 1000°C. Neglecting the effect of

temperature-dependent property and heat conduction in the direction perpen-

dicular to the surface heat flux may also introduce some error in the

results. However, the general trend and the order of magnitude of the tem-

peratures obtained here are not significantly different from that reported in

FED/INTOR,^ ' where a two-dimensional analysis was performed that included the

effects of variable property and thermal radiation. Furthermore, the uncer-

tainties in the temperature calculations described here are probably much

smaller than the uncertainties in the calculations of the erosion rates for

various coating materials.

3.2.2 Thermal Fatigue of the Limiter

Due to the pulsed nature of a tokamak reactor the limiter will be sub-

jected to cyclic thermal stresses. A possible life limiting mode for the

limiter is, therefore, fatigue crack initiation. This section will consider

3-15
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the cyclic design life based on fatigue of the limiter for two structural

materials (copper and vanadium alloys) and two coating materials (berylliun

and tungsten). Water is assumed to be the coolant for the case of copper and

lithium for the case of vanadium. Typical fatigue properties of the various

structural alloys are shown in Fig. 3-20. For the purposes of design, a

safety factor of two on strain range or 20 on life (whichever gives smaller

life) is applied on the fatigue curves.

I 0 2

to1

10'

\ i Muni i r i rmn i (ITTTTTI I M I I T ' I I I M I H H

FATIGUE AT 25°C BEST FIT TO DATA

V-l5Cr-5Ti

- Cu (ANN. a CW)

,AMAX -MZC
1

__ Cu-Be—I r
inB~rvn F<;IOB CYCLES"

I I I I Hill I I I I Illll I I I I Illll I I I II

10' I03 I04 I05 I06
I I I Illl

I07

Fig. 3-20. Fatigue for copper and vanadium alloys at room temperature.
Dashed lines represent estimated fatigue properties of
AMAX-MZC based on very limited data.

3.2.2.1 Leading Edge

The idealized leading 3dge geometry used for stress analysis is shown in

Fig. 3-21. Since the costing, in general, will have finite width (W), an

effective thickness of the coating is used for analysis as shown in Fig.

3-22. Figure 3-23 shows the fatigue life of copper as a function of the coat-

ing thickness and surface heat flux. In general, the fatigue life decreases

with increasing coating thickness and increasing surface heat flux. Beryllium-

coated copper has longer life than tungsten-coated copper. For small coating

thicknesses (<_1 cm), the use of a stronger copper alloy (e.g. AMAX-MZC) in-

stead of pure annealed copper can increase the design fatigue life signifi-

cantly. Figure 3-24 shows the fatigue life of V-l5Cr-5Ti as functions of
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Fig. 3-23. Design fatigue life of the leading edge
of the limiter using copper as the
structural material and beryllium and
tungsten as the coating material.
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tungsten as the coating material.



coating thickness, surface heat flux, and coating material. In general, the

faiigue life of vanadium is much greater than for copper.^' However, in the

case of vanadium the fatigue life decreases more rapidly with increasing

thickness than in the case of copper. Except for small coating thicknesses

(<2 mm), beryllium-coated vanadium has higher life than tungsten-coated

vanadium.

3.2.2.2 Top Surface

The top surface of the limiter is analyzed as a flat plate constrained to

deform with the cooler back part of the limiter. Figure 3-25 shows the fati-

gue life of copper as functions of the coating thickness and surface heat

flux. Despite higher surface heating loading, the design life of the top sur-

face is comparable to that of the leading edge. As is the case of the leading

edge, the use of a stronger copper alloy like AMAX-MZC significantly increases

the design fatigue life. Figure 3-26 shows a similar plot for the cae of

V-15Cr-5Ti. Unlike the case of copper, the higher heat flux in the top sur-

face reduces the design fatigue life at the top surface compared to that of

the leading edge.

3.3. Thermal Fatigue of First Wall

For the purpose of this study, the first wall has been modeled as an in-

finitely long annular cylinder of circular cross section. Since the provision

of margin against erosion will require a wall thickness which is greater than

the needed minimum to contain the internal pressure, significant thermal

stresses due to thermal gradient through the wall will be generated during

steady-state operation. The cyclic nature of these thermal stresses in a

pulsed reactor can potentially limit the useful design life of the first wall

because of fatigue. Both PCA (25 CW Type 316 stainless steel) and V-15Cr-5Ti

have been considered in this study as potential structural materials for the

case of water-cooled and lithium-cooled reactors, respectively. Although the

surface heat flux will be distributed nonuniforml)' in the circumferential

direction, for simplicity the analysis is based on an axisymmetric temperature

and stress distribution. The design fatigue curve for Type 316 stainless

steel is shown in Fig. 3-27. Fatigue curves for the vanadium alloy have al-

ready been given in Fig. 3-20.
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The analysis shows that the critical location for fatigue is at the inner

diameter surface where the axial and hoop thermal stresses are given by

o = a,,
1 - V

Q / r ? \ /Q q x

- M l - JLUpL + ZiJ
8k \ rj / \2k rk/

1 -

where

r o ' r i

E,v

a

k

outer and inner radius of the tube

elastic constants

coefficient of thermal expansion

thermal conductivity

Qn = bulk heating rate

qg •=• surface heat flux

The general primary membrane stress intensity is

Pcri
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where

pc " coolant pressure.

Figure 3-28 shows the plot of wall thickness versus maximum allowable

surface heat flux for various fatigue lives of a tube of Type 316 stainless

steel with an inner radius of 5 mm. Also shown in this figure (by dashed

lines) are the maximum surface heat flux corresponding to a maximum allowable

metal temperature of 500°C and 430°C. The fatigue curves and the maximum tem-

erature limit curves give upper bounds to the wall thickness for a given sur-

face heat flux. A lower bound for the wall thickness is set by the primary

tress criterion, Pm_< S m t,

316 STAINLESS STEEL (20% CW)

Nd = l0
4 CYCLES

I03 CYCLES

s «0°C <800°F)

500°C (930°7)

WALL THICKNESS, 8 (mm)

Fig. 3-28. Allowable wall thickness for a given surface
heat flux on a Type 316 stainless steel tube
of 5-mm inside radius.

The figure sliows minimum thickness corresponding to a time-independent-

stress limit, Sm, and to time-dependent stress limits S t corresponding to

maximum radiation induced creep strains of 1% and 5%. Since radiation-induced

creep is considered nondamaging, a 57. creep strain limit may be reasonable.

The difference between the lower bound and the upper bound for thickness may
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be considered as the margin against erosion. Figures 3-29 and 3-30 show simi-

lar plots for tubes with inner radii of 10 ran and 3 mm respectively. Note

that in all three cases the limit for a maximum structural temperature of

500°C almost coincides with the limits for a design fatigue life of 101*

cycles. In other words, if for any given surface heat flux, a fatigue life

greater than 101* cycles is required, then the maximum wall thickness must be

reduced such that the maximum metal temperature is less than 500°C. For exam-

ple, a maximum wall temperature of 430°C guarantees a design fatigue life of

10s cycles.

Figure 3-31 shows a similar plot for the case of V-15Cr-5Ti with a tube

of radius 25 cm. In contrast to the case of Type 316 stainless steel, the

maximum metal temperature limit of either 600°C or 700°C sets an upper bound

for the wall thickness for fatigue life of up to 106 cycles. Also note that

because of the superior thermal properties vanadium tubes can have signifi-

cantly larger wall thickness th. ~ Type 316 stainless steel tubes.

3.4 Lifetime Analysis and Burn Goals

We begin by considering the limiter's leading edge, and we first consider

the copper heat sink with water coolant and a beryllium coating. Reference to

Fig. 3-11 shows an upper limit to the coating thickness 6Be if we restrict the

substrate to 250"C, as proposed in Chap. 2: 6fi < 18 ram at a surface heat

load Wj^ = 0.75 MW/m2 and 5te < 7 • at W ^ = 1.75 MW/m2. We find the temper-

ature limits to the beryllium coating are less stringent (cf. Fig. 3-10) since

this coating can be permitted to reach 700°C. Taking these limits to 5^ into

account we have replotted the fatigue curves (Fig. 3-23) for the AMAX-MZC cop-

per heat sink (see Fig. 3-32).

As the figure shows, fatigue life increases with thinner coatings. How-

ever, thinner coatings are more easily eroded by repeated disruptions. From

Fig. 3-1 we might expect up to 539 um of beryllium removal per disruption near

the upper limits of leading edge thermal loads (~1200 J/cm2). Hence the ber-

yllium can be removed in tiie worst case after a number of cycles N * •S^ff x

0.54 mm]"1, where f is the average frequency (probability) of disruptions per

burn cylce. Figure 3-32 displays N versus Sgg for f » 10~3 (one disruption

per thousand burn cycles) and two different coating removal rates. The opti-

mum coating thickness is the intersection of fatigue and disruption curves.
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For example, for high leading edge heating, 1.75 MW/m2, and mild disruption

damage, 140 \n lost per disruption, the maximum lifetime is to be expected for

6D »3.6 mm, which results in a survival time of N • 2.7 x 101* burn cycles.
Be

Finally we fold Into our analysis the radiation life limit for the heat

sink. Our philosophy will be that the fusion burn length, tf, should be long

enough that the cycle life, N, is at least as long as the radiation life,

Lra(j. Thus, we compute the minimum, tf = (0.8 x Lracj x N"
1) - tofj. As an

illustration, the copper heat sink is believed to have poor radiation resis-

tance, and one might expect to require its replacement every Lra(j * 2 yr.

Then, at 80% availability, a fusion period tf - 1.8 x 10
3 s would be needed in

order for a cyclic lifetime N - 2.7 x 101* to equal the radiation lifetime.

(We will usually assume the period between fusion burns to be tof£ » 100 s.)

Figure 3-33 shows these burn goals for the beryllium/copper leading edge under

different conditions. In the case of severe disruption damage there is a

strong motivation to achieve tf > 2 h at Wj e « 2.0 MW/m
2. The motivation for

long b.H'Q diminishes for more mild disruptions. In fact, according to Fig.

3-1, disruptions do no damage at thermal loads <300 J/cm2, so very thin coat-

ings with negligible fatigue could be selected in this limit. The first les-

son we have learned is that t^ - 1 h may be adequately long to eliminate fati-

gue as a life-limiting consideration if the limiter leading edge has a heat

sink with poor radiation resistance. This set of circumstances might typify a

near-term tokamak constructed with conventional technology (water-cooled cop-

per heat sink).

It may well be that a commercial reactor would be designed with more

radiation resistant materials in order Co extend the period between limiter

repairs. As an example we consider a vanadium heat sink at the leading edge,

clad with beryllium. In this case the 600°C temperature limit on vanadium is

less restrictive than the 700°C limit on the beryllium coating, and, by refer-

ence to Figs. 3-14 and 3-15, we limit Cgg to 8 mm and 16 mm at W * 1.75

MW/m2 and 0.75 MW/m2, respectively. These limits and the fatigue life (Fig.

3-24) are shown in Fig. 3-34, along with the disruption life for the beryllium

coating, as calculated previously. The superior fatigue resistance of vana-

dium results in a much longer cyclic life than the copper heat sink. For mod-

erate damage rates, disruptions are the life-limiting concern, so figg should

be maximized to the temperature limit, given above. The corresponding number
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of burn cycles can again be converted to a burn length such that the cycle

lifetime at least equals the radiation lifetime. For vanadium, however, radi-

ation resistance is believed to be much better than for copper — we take I>ra<|

- (24 MW-y/m2)/Wn, and, for the sake of illustration, we assume Wn - (8/3)

W . The results are shown in Fig. 3-33. Compared to a copper heat sink

there is strong motivation to achieve longer burns. For severe disruptions

burn times approaching 3 h are desired. These slightly longer burns are

needed in order to achieve the full potential radiation life of the limiter,

in the six- to twelve-year range.

As we have seen, the requisite burn length decreases as disruption damage

becomes less severe. In the desirable situation where disruptions can be com-

pletely eliminated from tokamak reactors we must consider sputtering as an

erosion mechanism. We have seen that temperature constraints limited the ber-

yllium coating to 1 to 2-cm thickness. rhus net erosion rates $.. £ 1 cm/yr

would require limiter replacement or recoating at intervals approaching 1 yr.

Any shorter intervals would likely be intolerable due to unacceptable reduc-

tions in reactor availability. We assume that net erosion can be controlled,

and for the sake of illustration, we examine burn cycle implications for & -

1 cm/yr. Since sputtering life is so short, radiation damage does not concern

us in this limit. The beryllium coating is increased to the temperature limit

to maximize life against erosion, and the number of acceptable fatigue cycles

is found (cf. Figs. 3-32 and 3-34). For the copper heat sink N is now smaller

than for the cases dominated by disruptions so a longer tf (£2 h) is needed to

obtain a 1-2 yr lifetime of the leading edge; see Fig. 3-35. On the other

hand, for the vanadium substrate N is now larger, so a shorter tf (£100 s) is

permissible.

Tungsten has also been proposed as a limiter coating at the leading

edge. If the plasma temperature exceeds ~50 eV at the leading edge the high

self sputtering of tungsten will preclude its use. However, at lower tempera-

tures this appears to be an ideal coating. Sputtering is then low and redepo-

sition is very effective due to the short mean free path of tungsten ions. In

addition, disruptions do little damage to a tungsten coating since, at the

leading edge, the thermal load is likely to be less than the threshold for

melting and vaporization; see Fig. 3-1. Hence, at such low temperatures ero-

sion may not be significant for tungsten coatings. A thin tungsten cladding,
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6W, would be specified. Since our fatigue calculations showed very large

cycle lifetimes for either copper or vanadium substrates with 6tf £ 1 mm we

find that fatigue may not be an issue for the leading edge whenever a tungsten

cladding can be used.

Using the fatigue curves in Figs. 3-24 and 3-25 an identical lifetime

analysis was done for the front face of the limiter. The beryllium coating

was assumed to be removed at 690 ym and 170 urn per disruption, representing

the worst case and more typical disruption damage (2500 J/cm2 and 500 J/cm2,

respectively). The optimum 6 ^ was inferred for a disruption probability f *

10~3 to obtain the maximum cycle lifetime, and the minimum fusion burn, tf,

was calculated such that the cyclic lifetime was equal to the radiation life

of the heat sink (24 MW-yr/m2 for vanadium and 4 Mtf-yr/m2 for copper). The

results are displayed in Fig. 3-36. Our first observation is that tf < 1 h Is

adequate for the front face with a copper heat sink, even with the worst dis-

ruption damage. However, the one- to two-year radiation life of copper is so
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short that there will be great incentive to consider materials such as vana-

dium. Then we find, in order to achieve the six-fold increase in limiter

life, the burn length must be extended, so as not to aggravate the fatigue

problem. For moderate disruptions we need tf ~ 1-1.5 h. Of course, if the

frequency of disruptions were f « 10~3 then thinner beryllium coatings, with

resulting longer fatigue life for the substrate, would be appropriate. In the

extreme where sputtering erosion limits the lifetime to ~1 to 2 yr the burn

length would need to be only 15-30 min in order to eliminate thermal fatigue

as a concern with a vanadium substrate.

We next analyze the first wall lifetime, starting with the bare PCA

water-cooled tubes. The fatigue cycles versus coolant tube thickness (see

Figs. 3-27 through 3-30) is replotted for three thermal wall loads, W p w = 0.5,

3-33



0.75, and 1.0 MW/m2 in Figs. 3-37 through 3-39. In addition, we display the

cycle lifetime against disruptions for f - 10~3 and 10~4, assuming modest

thermal energies in the disruption (380 J/cm2 removing 70 um of PCA). The

tubing is assumed to fail once disruptions thin the wall to 6pCA " 5-J • Here

6 . is the minimum wall thickness required to withstand the coolant pressure

(15 MPa) with a specified amount of creep. For neutron-induced damage we

might permit 5% creep. Thus, for 70 jjn loss per disruption we find a disrup-

tion controlled cycle lifetime of N • (Gp^ ~ V i n ) ^ x 0.07 mm)" 1.

As with the limiter we select the intersection of the fatigue and disrup-

tion curves to find the Sp^A which yields the maximum cycle life, N. Our

results are insensitive to tube radius, rj, and we consider r^ - 5.0 mm from

now on in our analysis; r^ • 5.0 mm was the STARFIRE specification. Next we

compute the ft-sion burn period needed for the cycle lifetime to equal the

radiation life, which we take ro be L r a d - (12 MW-yr/m2)/Wn, with Wn -

4 x Wpy. The results, shown in Fig. 3-40, indicate that relatively short

burns, tf < 1 h, suffice to eliminate the cycling factor from concern when

there are infrequent or mild disruptions. Moreover, if first wall replacement

is undertaken before 12 MW-yr/m2 is absorbed, then proportionally shorter

burns are acceptable.

It is conceivable that the disruption damage could be more troublesome,

however. If, for example, neutron radiation proved to be more damaging such

that creep would be limited to 1%, then fi^j, would exceed the values in Figs.

3-37 through 3-39; fewer disruptions could be tolerated before the tubes

failed. In some cases tj would have to double in order to still achieve the

radiation life limit of the first wall; this is illustrated in Fig. 3-41 for

the PCA tubes with 70-ym erosion at f » 10~3 and the two cases of 5% and 1%

creep. Even more serious is the consequence of slightly larger thermal

dumps. Merely increasing the energy deposition from 380 J/cm2 to 700 J/cm2

multiplies the melting and vaporization loss by a factor of six for PCA (see

Fig. 3-1). This motivates a design goal for much longer fusion burns; as

shown in Fig. 3-41, tf ~ 4 h is needed to realize the full radiation life

potential in this case.

Finally, we consider the burn goals needed to achieve the full benefits

of radiation resistant structure such as vanadium. In this exercise we use
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the fatigue and disruption data developed earlier (see Figs. 3-1 and 3-31),

and we calculate burn lengths needed for an assumed lifetime of 24 MW-yr/m2.

The 600°C limit on vanadium constrains <SV to <10 mm, and we find disruption

erosion dominates fatigue as a consideration. Our results, displayed in Fig.

3-41, show that tf will be at least as long as required for the PCA first wall

in order to achieve twice the in-reactor lifetime (6-12 yr versus 3-6 yr). In

the pessimistic disruption scenario depicted we find tf ~ 8 h is desirable at

high wall loads.

We conclude this chapter with some general observations. Our results

typically show that "near-term" structures such as copper limiters and a steel

first wall can tolerate relatively short fusion burns because their radiation

life is thought to be short. In order to take full advantage of advanced
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materials, such as vanadium, with longer radiation life it will be necessary

to arrange for longer burns. This will be possible, for example, with nonin-

ductive current drive or with very large major radius reactors with high volt-

second ohmic transformers. On the other hand, reactors with short burns (tf ~

100 s), operating in the internal transformer mode, will not be attractive un-

less disruption frequency is f ̂  10~^ and sputtering erosion is 6 £ 1 cm/yr.

Generally speaking the higher wall and limiter thermal loads are more

demanding on our designs. In the first place this is because we have assumed

the higher thermal loads are associated with higher neutron damage and there-

fore shorter in-reactor life. In the second place these higher thermal loads

exacerbate the fatigue problem and generally require longer burns in order to

not surpass the limit on cycle lifetime.

Finally, we repeat that our results only display general trends. Reactor

availability should improve with several factors: use of more radiation and

fatigue resistant materials; reduction in the frequency and severity of dis-

ruptions; reduction in net sputtering erosion; selection of disruption resis-

tant materials (e.g. tungsten, if low plasma temperatures can be obtained);

operation at lower wall loads; and operation with longer fusion burns. At

this point it is not possible to specify a unique goal for the burn length

since it depends on a variety of operating characteristics, as we have shown.
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Chapter 4. THERMAL HYDRAULIC AND THERMAL STORAGE SYSTEM ANALYSIS

A.I Introduction

The current efforts on the Blanket Comparison and Selection Study^ ̂

indicates that the two most viable breeding blankets are (1) a solid breeder

blanket cooled either by pressurized water or helium; and (2) a liquid breeder

blanket consisting of either lithium-lead eutectic (17Li-83Pb) or liquid lith-

ium. Blanket designs such as the STARFIRE (Ref. 2) and DEMO/STARFIRE (Ref. 3)

that operate under steady state are less complex compared with pulsed reac-

tors, although the majority of the design and operating problems such as trit-

ium permeation and recovery, heat transport, thermal energy conversion system,

safety, etc., are common to both types. However, from the standpoint of power

conversion, pulsed mode operation has significant impact on the balance of the

plant design, since during the low- or non-power producing part of the reactor

operation, a means must be provided to generate power at a constant rate with-

in certain limits. Hence, one of the primary requirements for a pulsed reac-

tor is that it must have a thermal storage system along with the associated

auxiliary equipment.

4.2 Description of Breeding Blankets

To assess the thermal storage requirements and the thermomechanical

effects of pulsed operation, detailed burn cycle analyses were carried out for

a Li2O breeding blanket. For the self-cooled liquid lithium blanket only an

overall analysis based on thermal storage requirements was performed. A brief

description of the two blanket designs is presented below.

4.2.1 Solid Breeder Blanket

A schematic of the water-cooled Li2° breeder blanket Js shown in Fig.

4-1. The solid breeder material is in the form of sphere-pak (a mixture of

three different spherical particles varying in sizes from 1300 pm in diameter

to 300 vra in diameter which produces a packed bed with bulk density greater

than 85% TO (see Ref. 1 for details). The toroidally oriented coolant tubes
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Fig. 4-1. LI2O/H2O blanket concept preliminary reference design.

in the breeder zone are arrayed in banks; each coolant tube makes a single

pass through the breeder. The coolant tubes are U-shaped and terminate in the

inlet and outlet manifolds located immediately behind the back wall. This

blanket concept is referred to as a breeder outside coolant tube (BOT)

design. Several inlet and outlet header arrangements are shown in Fig. 4-2.

In simplest tern>" this design concept, may be described as blanket modules con-

sisting of a box of breeder material in which the coolant-carrying tubes are

embedded. The spacing of the coolant tubes in the radial (depthwise) direc-

tion of the blanket conform to the exponentially decaying nuclear power field

so that the solid breeder material is maintained within the operating tempera-

ture window (i.e., within the upper- and lower-temperature limits).
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4.2.1.1 Design and Operating Conditions

For a given neutron wall loading the primary design considerations are

the operating conditions for the coolant, breeding material, and structural

material. The operating conditions for the heat transport system is essenti-

ally similar to those in current pressurized water reactors. A detailed dis-

cussion of the operating temperature window (i.e., the upper and lower tem-

perature limits) for Li2O is given in Ref. 1. The thermal hydraulic analysis

is based on the following data and operating conditions:

Structural material

Breeding material (sphere-pak)

Breeder density (g/cm2)

Li20 heat capacity (J/g-K)

Neutron wall loading (MW/m2)

Coolant

Coolant inlet/outlet temperature (°C)

Breeder temperature window (°C)

Surface heat flux on the first wall (W/cm2)

Average thermal conductivity of Li2O at the
operating temperature range (W/m-K)

Blanket moaule size, length and width (m)

Coolant tube (mm)

inside diameter

outside diameter

barrier between coolant channel
and breeder material

PCA (prime candidate alloy)

Li20 (85% TD)

1.71

2.76

3.4

Pressurized water

280/320

850/410

10-100

3.4

3 x 2

10.0

12.5

Stainless steel felt,
helium, Li2Zr03

Since the lower temperature limit for the Li20 breeder is significantly

higher than the coolant temperature, it is necessary to provide a thermal bar-

rier between the coolant tubes and the breeder in order to maintain the

breeder within the operating temperature limits. Thermal analysis presented

herein assumes the presence of a thermal barrier either in the form of a cera-

mic coating (e.g., Li2Zr03) or stainless steel felt sleeves over the coolant

tubes. For the design and operating conditions given in the previous section,

thermal hydraulic analysis shows that for a ~0.j m blanket, there will be ten

rows of coolant tubes in the radial (depthwise) direction of the blanket.
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4.2.2 Liquid Breeder Blanket

For the liquid breeder blanket, only the self-cooled blankets (i.e., the

coolant serves both as the heat transfer medium as well as the tritium

breeder) were considered. Because of the electrical conducting nature of the

liquid metal coolants (either lithium or 17Li-83Pb) flowing through strong

magnetic fields, the coolant flow direction and the size of the coolant chan-

nels (wall thickness, cross-sectional area) are very critical. A schematic of

the toroidal/poloidal flow liquid lithium blanket is shown in Fig. 4-3. The

blanket modules consist of slightly slanted poloidal manifolds and relatively

small toroidal channels. Each manifold supplies coolant to a number of toroi-

dal channels. In simplest te ~, the poloidal flow blanket may be thought of

as a vertical straight duct vith constant cross-sectional area. Since this

design is still in the early stages of development, no transient analysis of

this design has been undertaken during the scope of the current burn cycle

analysis. However, an overall thermal analysis was carried out to size the

thermal storage requirements and to compare the relative cost of thermal sys-

tems for the two tvpes of breeding blankets.

Fig. 4-3. Schematic of lithium blanket.
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4.3 Born Cycle

A discussion of the pulsed modes of operation is presented in Chap. 2.

The transient thermal hydraulic and thermomechanical analysis is based on a

reactor power profile such as shown in Fig. 4-4. For simplicity, the startup

and the shutdown ramps have been assumed to be linear, although inclusion of

any startup and shutdown power profile does not present any mathematical dif-

ficulty. The following burn cycle scenarios have been used in the transient

analysis."

Time
(s)

Startup time (zero power to full power)

Steady-state time (operation at full power)

Shutdown time (full power to zero power)

Dwell or pumpdown time (operation at zero power)

10

3600

10

0,30,90,200

ItoeU time of 0 s represents a limiting case for a pulsed power reactor, and

the minimum economic penalty associated with pulsed mode operation.

>
_ i

cr
UJ

o
Q.

DC
UJ
X

o

UJ

a.

1.0

CONSTANT
POWHR SHUTDOWN

CONSTANT

7~/~/~A t\ { i " K \ \ \ \ \ \

100 110

REACTOR OPERATING TIME

Fig. *-4. Reactor power profile.

4.4 Thermal Storage Syatea

The analysis of the thermal storage system may be divided into two

parts. The first part is associated with the energy deficiency that occurs

during the shutdown, dwell, and startup periods of reactor operation. Hence,

consideration of the amount of supplemental energy requirements is independent
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of the type of breeding blanket. The second part consists of transient tem-

perature response of the entire reactor system ,.a.nd, in particular, the mixed

mean temperature of the coolant that enters the energy conversion segment of

the power reactor.

For the Li20 breeder blanket corresponding to neutron wall loading of 3.4

MW/m2, analyses show that there will be ten breeder regions representing

~0.50-m thick blanket as indicated earlier. Hence, the mixed mean temperature

from the ten breeder regions will dictate the sizing of the thermal storage

components such as the steam drums, pipes, valves, pumps, heat exchangers,

turbines, flow controllers, and numerous other auxiliary equipment. Experi-

ence gained from the study of the thermal storage requirements for WILDCAT

(Ref. 4) indicate that an acceptable assessment of the thermal storage system

can be carried out with analytical data based on only three representative

blanket regions. Hence, for the analysis presented herein only three blanket

regions, as listed below, were used (note: 100% region refers to blanket

regions near the first wall and 5% region refers to blanket region near

reflector/shield) as listed below were used:

Region

Nuclear heating rate, (W/cm3)

Coolant tube, i.d. (mm)

Module length (m)

Coolant velocity (m/s)

Breeder region radius (mm)

No. of coolant tubes

1
(100%)

41.1

10

3

5.0

13.69

73

2
(25%)

10.3

10

3

2.9

20.14

50

3
(5%)

2.06

10

3

1.7

34.43

29

4.5 Transient Temperature Response

The analysis of three blanket regions covering four burn cycle scenerios

constitute 12 cases. The transient temperature responses due to cyclic opera-

tion were calculated for blanket modules corresponding to the coolant exit

locations. The transient calculations include the temperature response of

coolant, cladding, and the Li2O breeder blanket. For the Li20 breeder, only

the maximum and the minimum (and thus the temperature gradient across the
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breeder) are included in this analysis. Since the initial tenperature of the

reactor is not known a_ priori, the transient temperature response during the

first few cycles is not meaningful. Hence, the temperature response during

the second and the subsequent cycles were considered in this analysis. Table

4-1 summarizes the minimum temperatures that occur during the zero power

period. Since the volume of the blanket region associated with each coolant

channel in an exponentially decreasing nuclear power field increases as the

blanket, regions are located further and further away from the first wall, the

thermal inertia of regions in the radial direction (depthwise) increases.

This effect can be observed from data shown in Table 4-1 where, for example,

Region 3 temperatures do not decrease as much as the corresponding tempera-

tures either in Region 2 or in Region 1. Similarly, the temperature differ-

ences across blanket regions away from the first wall are larger.

As expected, the changes in the coolant outlet temperatures and tempera-

ture gradients in the Li2O blanket increase as the dwell times increase. If

the dwell times are sufficiently long, the temperature of components are

expected to decrease to the coolant inlet values. This condition is in con-

trast to a large number of short pulses where the temperature of the compo-

nents reach some quasi-steady-state values after a few pulses. From the data

presented in Table 4-1, it may be observed that the dwell times have to be

greater than 200 s for all of the components to cool down to inlet temperature

(assuming the decay heat to be small) . When the dwell times are of the order

of 200 s, only Region 1 cools down to the inlet temperatures.

The transient temperature response of the coolant, cladding, Tra±n and

T .„ for several cases are shown in Figs. 4-5 through 4-16. As expected, the

maximum variation in temperatures occurs for Region 1 due to its having the

least volume of material (least thermal inertia). Since Region 1 has the

least thermal inertia, its temperature recovers most rapidly during pulsed

operation. Similarly the recovery of coolant temperatures is directly related

to the breeder volumes. It may be observed from Figs. 4-13 to 4-16 that it

takes almost 3000 s for Region 3 to fully recover from the cyclic operation.

The time/temperature response for dwell time of 0, 30, and 200 s are included

in Appendix B.
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TABLE 4-1

Minimum Temperature (°C) During Cyclic Operation of Li2O Breeding Blanket

Region:

Dwell time (s):

Coolant

Claddinga

Tmin

Tmax

0

312

345

394

807

1

30

297

315

342

586

90

287

294

304

398

200

280

281

282

287

0

316

349

402

840

2

30

310

333

382

773

90

303

320

357

659

200

292

303

323

491

0

319

352

409

850

3

30

317

338

391

829

90

315

335

388

810

200

311

329

377

759

^Temperature in cladding node (midpoint of cladding thickness).
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4.6 Ther—1 Storage E

As indicated earlier (1) the size of the thermal storage system depends

on the energy deficiency that occurs during shutdown, dwell, and startup

phases of the power reactor; and (2) the characteristics of the thermal stor-

age system are dictated by the bulk average temperature of the coolant leaving

tha blanket modules. Hence, for a given burn cycle, the energy storage

requirement for a solid breeder blanket or a liquid breeder blanke* would be

the same, although the same thermal storage system may not be approprid e for

two entirely different blanket concepts.

For the solid breeder blanket, the bulk average temperature of the

coolant was estimated by:

i-N
rw

I j W.n,

where

Tfl - Volumetric average temperature of the coolant at
blanket exit

W^ « coolant flow rate for Region i

T^ « Coolant exit temperature for Region i

N « Total number of blanket regions,

n^ - Number of coolant tubes in Region i.

For analytical simplicity, only three regions (representing the whole

blanket modules) were analyzed. The time/temperature history of the mixed

coolant for the four burn cycles are shown in Figs. 4-17 through 4-20.

The integral of the power curve in Fig. 4-17 (as txi example; also see

Fig. 4-4) determines the total energy deficiency during the shutdown/dwell/

startup phases. The actual time/temperature response of the mixed mean cool-

ant will dictate the design details of the thermal storage and control sys-

tems. It can be observed from Figs. 4-17 through 4-20 that as the dwell time

increased from 0 tc 200 s, the mixed coolant temperature decreases from 313°C
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to ~290°C, and it takes progressively longer time to approach the steady state

as dwell time increases. It should be noted that the power conversion system

(heat exchangers/evaporators, steam turbines, condensers, feedwater heaters,

etc.) is based on coolant outlet temperatures of 320°C. The power conversion

system can no longer be kept in operation when the coolant outlet temperature

drops below 290°C. Hence, the necessity of a thermal storage system arises.

For a 4000-MWt reactor, the energy deficiency, assuming linear startup

and shutdown ramps, varies from 11 MWh to over 230 MWh.;; The above quantity of

energy must be supplied in a matter of a few hundred seconds in order to oper-

ate the power conversion system in a stable manner. Several thermal storage

systems, such as packed columns of metals or ceramics and chemicals, were con-

sidered for energy storage. However they did not appear to be practical if

the thermal energy is to be withdrawn in a relatively short period of time.

Energy storage in pressurized water, which can be withdrawn as steam by flash-

ing, or energy storage in a high temperature liquid metal which can be fed in-

to a heat exchanger/evaporator unit appear to be practical, although such sys-

tems are considered to be at the upper end of the existing technology. Analy-

ses have shown that pressurized water/steam system is suitable for the solid

breeder blanket, and hot sodium reservoir would be practical for the liquid

lithium blanket. A brief description of the two systems and the corresponding

cost analyses are presented below.

4.6.1 Pressurized Water/Steam System

Figure 4-21 schematically shows the pressurized water/steam thermal stor-

age and power conversion system, which consists of heat exchanger/evaporator

units, high pressure and low pressure steam turbines, condenser and condensate

storage vessels, feedwater heaters, condensate return (high pressure and low

pressure) pumps, generators, and the control system. During the steady-state

period, steam flows from the primary steam generator/evaporator unit to the

low-pressure turbines. The turbine exhaust after condensation is returned to

the evaporators through the feedwater heaters. A bypass stream of blanket

coolant flows into the thermal storage units. During shutdown, dwell, and

storage periods, as the blanket coolant temperature drops below the steady-

state value (v.z., below 320°C), steam is withdrawn from the high-pressure

thermal storage units by flashing. The high-pressure steam drives the high-
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Fig. 4-21. Schematic of thermal storage system for
water-cooled L12O blanket.

pressure turbine, and mixes with the low-pressure steam from the regular

steam generator/evaporator units via the reheater and flows through the low

pressure turbines. A portion of the condensate after passing through the

feedwater heaters is fed back into the thermal storage unit via booster

pumps. The major components, except the control system as discussed above,

are shown in Fig. 4-21. During the next phase of this study, an assessment of

the control system design details of the auxiliary equipment will be made.

4.6.1.1 Cost Estimate

The cost analysis is divided into two parts. In the first part, cost

analysis is carried out based on zero dwell time and 10 s each for startup and

shutdown times. Hence, the first part represents the minimum cost of the

thermal storage system and the economic penalty for a pulsed reactor. In the

second part, a cost estimate is made based on additional components that would

be necessary to supplement the thermal storage system for the 10-s dwell or

other nonpower generating periods. Table 4-f. lists an approximate cost of the

thermal storage system.
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TABLE 4-2

Co8ta of Thermal Storage System: Water-Cooled Li2O Breeder

High pressure vessels (@ $14 M each)

Charging pumps

Piping

Valves

Condensate storage

Instrumentation and control

Building and structures (incremental)

Installation

Total

Basic
Cost

28

10

5

8

5

5

4

8

71

Cost of
Additional Components

for 10-s Dwell

28

1

1

1

2

4

37

Hence, the cost of the thermal storage system may be estimated by:

Total cost = 71 + 3.7 x dwell time (s).

Cost for: 0 a dwell time =$71

30 s dwell time =$182

90 s dwell time =$404

200 s dwell time =$811

a(1983) $M.

4.6.2 Liquid-Metal Breeder/Coolant

The liquid-metal blanket and heat transport system consists of a self-

cooled lithium blanket, sodium reservoirs, lithlum-to-sodium intermediate heat

exchangers, and sodium/water steam generator/p.vaporator units (similar to

liquid-metal-cooled fast breeder reactor). The operating conditions for this

breeder blanket are as follows:
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Lithium inlet temperature 300

Lithium outlet temperature 500

Sodium inlet temperature 290

Sodium outlet temperature 490

Steam temperature 455

Figure 4-22 schematically shows the major components of the thermal stor-

age system. It consists of lithium-to-sodium heat exchangers; heat accumula-

tors; sodium-to-water evaporator/superheaters; turbine-generator; sodium and

lithium circulating pumps; clean-up and purification systems (cold traps) for

sodium; inert-gas pressurization systems; and a safety release system. |he

principle of operation of this system is based on storing thermal energy in

the sodium vessels which are designed to accumulate hot sodium. During the

low power or nonpower producing period of the reactor operation, energy is

withdrawn at a constant rate (i.e., at the same rate as during the steady-

state power phase) from the sodium vessels via the intermediate heat exchan-

gers. The amount of energy (i.e., the volume of hot sodium) that is withdrawn

during the low/zero power period is made up during the steady-state operation

through a side stream of hot lithium supplied from the reactor blanket.

4.6.2.1 Cost Estimate

As in the previous case, the cost of the thermal storage units is divided

into two parts. The first part represents the minimum cost of the thermal

storage units for zero dwell time. The second part is based on cost of the

thermal storage system per each 10-s dwell time. Table 4-3 shows the cost of

this system.

4.7 Comparison of Costs

Examination of the cost of the thermal storage units for the two systems

indicates that the costs for the liquid-lithium breeder are significantly

lower. The primary reason for the low cost of the liquid-metal system is due

to low-pressure operation of the thermal storage systems (200 psia liquid-

metal breeder versus ~2000 psia for water-cooled solid breeder). It should be

noted, however, the added cost of tritium containment such as double-wall
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TABLE 4-3

Costa of Thermal Storage System: Self-Cooled Lithium Blanket

Storage vessels

Sodium charge

Piping

Valves

Building and structures (incremental)

Gas blanket and emergency venting

Sodium cleanup system

Instrumentation controls

Installation

Miscellaneous

Total

Basic
Unit

6.5

0.3

3.6

7.1

2.6

1.2

2.0

3.0

4.0

2.0

32.3

Co8t Of
Components for Each
10-s Additional Dwell

6.5

0.3

1.8

4.0

1.5

0.6

0.6

1.2

1.5

1.0

19.0

Hence, the total cost of the thermal storage system may be estimated
by:

Total

Cost

cost

for:

= 32

0

30

90

200

+

s

s

s

s

1.9 x dwell ti

dwell

dwell

dwell

dwell

$32

$89

$203

$412

$M.

pipes, penalty for heat exchangers due to added thermal resistance across

double-wall pipes, tritium cleanup, and recovery systems have not been in-

cluded in this analysis. Although tritium-related costs could significantly

increase the cost of the thermal storage systems for the liquid lithium-cooled

reactors, it is expected that due to low-pressure operation the cost of the

thermal storage for the liquid-metal blanket will still be lower than the cost

of the pressurized water-cooled blankets. Additionally, they would be much

simpler to operate.
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4.8 Ther»o-«echjuiic*l

For the design and operating conditions given in Sec. 4.2.1.1, the heat

flux over the coolant tubes varies from a maximum of -100 W/cm2 to £10 W/cm2.

The maximum thermal stresses induced by the temperature gradients across the

coolant channels is _<5 MPa. However, the primary stress due to high pressure

(~15 MPa) water is the order of 55 MPa. During cyclic operation the tempera-

ture gradients across the coolant tubes are not significantly larger than the

steady-state values. Hence, thermal stresses in the coolant tubes due to cyc-

lic operation is not considered to be a problem for the solid breeder

blankets.

4.9 Discussion of Results

Transient analysis of a LigO solid breeder blanket corresponding to neu-

tron wall loadings of 3.4 MW/m2 indicate that the breeder regions near the

first wall will cool down to approximately the coolant inlet temperature when

the dwell times exceed 200 s. While large temperature variations across the

breeder may not adversely affect the integrity of the breeder of sphere-pak

design, cooldown of the breeder below the lower operating temperature limit

may have significant impact on tritium recovery. The induced thermal stresses

across the coolant tubes during transient operation is low; no severe degrada-

tion of blanket life due to cyclic operation is anticipated.

Cyclic operation has a severe cost penalty. For zero dwell time alone

the thermal system will cost 20 to 70 M$. The preliminary cost analysis shows

that the thermal storage system for self-cooled lithium blanket to be less

than that for the solid breeder blankets. However, the cost associated with

tritium containment and recovery has not been included in these analyses.

Detailed <y>st analysis of both systems is necessary before definitive conclu-

sions can be made. The penalty in terms of adverse thermo-mechanical effects

on major components appears to be minimal. The results of the cost analysis

indicate that systems with greater than 100 s dwell may not be economically

viable.

The results of this chapter are based on the desire to supply constant

steam conditions in the turbine, and all costs are based on conventional

equipment for the steam cycle. In future work we will determine to what
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extent thermal storage costs may be reduced. This question involves several

issues: the blanket design should be better optimized for pulsed cycles;

additional heat capacity in the coolant, piping, and heat exchangers might be

identified; turbine blade tolerances (fatigue, erosion) should be quantified

regarding variations in steam quality and temperature; and permissible genera-

tor ripple must be determined.
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Chapter 5. HAGRKTS

Substantial differences, both quantitative and qualitative, occur among

the magnetic systems for various burn cycles. All reactors experience mag-

netic field variations, from as few as ~200 cycles in the life of a CW reactor

to over 10"7 cycles for the internal transformer mode, and this determines the

cost of structure needed to survive fatigue associated with large stress fluc-

tuations. On the other hand, cost savings may be realized in certain burn

cycles (CW and internal transformer) due to the elimination of a complete sub-

system, the ohmic heating coil (OHC) and its attendant power supplies. This

chapter presents the performance and cost variations of the three main magnet

systems: the OHC, the equilibrium field coils (EFC), and the toroidal field

coils (TFC), as a function of the burn cycle parameters. The division of

topics is somewhat arbitrary, as the design of one system affects the design

of the other coil systems.

5.1 Otntic Heating Coil

A reference OHC design was developed for the 8-m reactor, and several

variations were studied in order to address the following issues:

• What coil configuracion maximizes the transformer volt-seconds

for inductive current drive?

• What is the practical maximum field swing, AB0H, in the OHC?

• How much energy, U°H, must the OHC power supply deliver to

charge the OHC?

• What is the fringing field, due to the OHC, at the other magnets

and the plasma?

• What is the cost of the OHC, and how does it vary with the num-

ber of cycles?

5.1.1 Reference Design

The basic solenoid for the OHC system has a winding thickness, A0H - 0.64

m, centered at a radius, RQH " 2.72 m, with a half-height, HQH " 7.7 m. It
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consists 2602 turns of 50-kA cable. The average current density is 13.2

MA/m2. Using the infinite solenoid approximation the field is:

- (4* x 107)(l3.2 x 106)(0.64) - 10.6 T

and the volt-seconds are:

A*OH,P " ^OH^OH * ir(2.72)2(l0.6) - 246 V-s .

More accurate calculations, modeling the solenoid as 12 circular coils of

radius 0.361 m above the midplane with their mirror images below the midplane

and the plasma as several hundred current filaments from the MHD equilibrium

calculation indicate the coupling is only 166 V-s. Past experience indicates

the circular coil approximation is accurate if the cross-sectional area of all

the circular coils equals that of the solenoid, and the infinite-solenoid

result is, in fact, produced if the solenoid is sufficiently long ("20 times

longer).

A better design can be obtained by flaring the ends of the solenoid,

making it higher, and providing individual trim coils at larger major radii to

help channel the flux. The reference design is the best combination of these

improvements among those investigated. The field in the plasma is less than

the error field of the EF coils. The configuration is shown as modeled in

Fig. 5-1 and has parameters:

Stored energy: 18.7 GJ

Total current: 163 MAT

Coil volume: 259 m 3

A<t.0H>p: -235 V-s

Current density: 13.2 MA/m2

B 0 H: 10.6 T

5.1.2 AB 0 H Influence; Cost and Lifetime

Several designs were studied for the basic central solenoid: with B Q H

- 8 T and 10 T at 4.2-K cooling and also with B O H • 10 T and 12 T at 1.8-K

operation. As B Q H increases from 8 T to 12 T (a 50JS increase in field) the

volt-second rating increases at a slower rate, by only 27Z. This is due to the

increased thickness, AQJJ, of the solenoid at higher fields, which decreases
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Fig. 5-1. Final design, OHC for 8-ta reactor.

the mean radius of the coil, R0H. Considering the increased costs and lower

critical current densities near the 12-T range, we feel a practical field goal

for the solenoid is thus about 10 T. Significant benefits (high current dens-

ity) accrue from selecting 1.8 K cooling at 10 T, rather than 4.2 K, and we

therefore choose the 1.8-K design.

The amounts of conductor and structural materials are estimated based on

specific conductor dasigns and are listed in Table 5-1. The reference cable

configuration for the central OHC uses a helium-II (1.8 K) pool-boiling coil

made of niobium-titanium with a copper stabilizer. This choice has an adequate

thermal stability margin and acceptable current density in the superconduc-

tor. For the outer trim coil, which is in relatively low fields (7.6 ~ 2.8 T),

the cable configuration uses helium-I (4.2 K) pool-boiling coils.

To have low ac losses the cables are composed of multistrand subcables.

The diameter of the superconducting composite is 0.? mm; the superconducting

filament diameter is 10 jm; the twist pitch length is 18 mm, and the magnetic

diffusion time constant is 10 ms.

Data on fatigue properties of niobium-titanium composite and multi-strand

cables are not available. It can be assumed that the resistivity increase of

the copper stabiliser due to the work hardening and degradation of the super-

conducting properties of niobium-titanium could be restored by annealing dur-
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TABLE 5-1

[B0H 10 T>

Reference Ohmlc Heating Coil
K» s i ng l e swing; tOn • 15 8, tre8et • 40 s, 1-h cycle]

Temperature (K)

Niobium-titanium current density (kA/cm2)

50-kA cable dimension (cm x cm)

Niobium-titanium cross section (cm^)

Copper cross section (cm2)

Total cable length (km)

Niobium-titanium weight (Mg)

Copper weight (Mg)

Hysteresis losses at 4.2 K (kJ/pulse)

Pulsing field losses at 4.2 K (kj/pulse)

Refrigeration load for the ac losses at 300 K
(kw)

Type 316 stainless steel strap (Mg)

Central OHC

1.8

80

9.56 x 1.06

0.625

4.406

44.5

16.8

175.5

950

791

169

595

Outer Ring OHC

4.2

38 ~ 110

11.6 x 1.29

1.313

5.25

27.9

'"• 12.3

101.2

25.2

21.0

4.5

336

ing the warm-up period of the machine. The support structure most sensitive

to the number of burn cycles would be the stainless steel strap used to absorb

the hoop stress of the coil.

Variations of the magnetic (volt-second) flux of the central (10 T) OHC

and the cost of the stainless steel strap as a function of the number of burn

cycles are shown in Table 5-2 and Fig. 5-2. A safety factor of 20 on the

allowed number of cycles over that from stainless steel fatigue data is used

to determine the maximum strain amplitude. For the number of cycles N less

than 2.5 x 101*, the stress limit of the strap is constrained by a safety fac-

tor of one-third of the ultimate strength of the material. For N « 106, where

the strain amplitude of the strap is less than 10~3, the magnetic flux and the

cost of the strap may be Insensitive to the number of cycles.

To have a radial distance of 12.5 cm between the TFC and the OHC frr the

OHC structure and helium vessel, the outer radius of the central OHC winding

is chosen to be 3.04 m. Mainly due to the thickness Increase of the strap,
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TABLE 5-2

OHC Perfornance and Cost Versus Cyclic Fatigue

N

2.5 x 104*

5 x 101*

2x 105

2.5 x 105

5 x 105

O.OO2O

0.0017

0.0011

0.001

0.0008

a

(MPa)

407

349

226

205

164

(m)

0.725

0.789

1.036

1.107

1.30

KOH
(m)

2.68

2.65

2.52

2.49

2.39

*ROH BOH
(V-s)

225

220

199

194

179

316 SS
Strap

(Mg)

931

1086

1677

1848

2310

Cost of SS
at $14K/Mg

(?M)

13.0

15.2

23.5

25.9

32.3

CD
CM
ICC

Fig.

to

5-2. Transformer structure cost and volt-seconds
versus OHC cyclic life requirement.

the thickness of the central OHC is increased from 0.725 m to over 1.3 m as

the number of cycles increased to 106. This reduces the magnetic flux by over

20Z. If the cost of the coil fabrication is 1.5 times that of the materials

listed in Table 5-3, then the cost Increase of the strap is 15% of the OHC

cost.
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TABLE 5-3

Cost of OH Magnets

Niobium-titanium ($239/kg)

Copper ($10.3/kg)

Cable processing ($87/kg)

Stainless steel strap for N < 2.5 x 10^ ($14/kg)

Coil winding (1.5 times the material)

Total

Central
OHC
($M)

4.01

1.81

16.73

8.33

46.35

77.25

Outer Ring
OHC
<$M)

2.94

1.04

9.87

4.70

27.9

46.5

5.2 Equilibrium Field Colls

The equilibrium field coil (EFC) system is necessary to any tokamak to

maintain the equilibrium of the toroidal discharge. The presence or absence

of an OHC and the time variation of the EFC currents will place important con-

straints on the EFC design and affects the interaction of the EFC with other

magnets. Six principal characteristics of the EFC are significant in compar-

ing burn cycles:

• The conductor volume, influences the EFC cost.

UEF• The magnetic energy, UEF, stored by the EFC affects the reactor

power sunnily requirements.

• The fields from the EFC may reduce the current density in the

superconductor of the toroidal field coils (TFC).

• The EFC fields produce eddy-current heating in the TFC when

they are varied during the burn cycle.

• The EFC fields produce out-of-plane forces on the TFC which may

lead to fatigue damage after a certain number of cycles.

• Cyclic stresses influence the design and cost of the EFC

itself.

In what follows we first develop reference EFC configurations for both

the 8-m and the 7-m reactors. This is followed by a study of design sensitiv-

ity to variations in the EFC locations and then by a cost and performance

assessment of the EFC systems for the various burn cycles.
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5.2.1 Reference Designs

The EFC system 13 described first for the 8-m reactor. It is required

to be decoupled from the OHC system. A number of configurations were investi-

gated and the resulting design, Fig. 5-3, is the best of these. The outboard

coils are in positions similar to those in WILDCAT (Ref. 1), since the tri-

angularity, d, is the same and the position of these coils depends most on d.

It can be noted that the outboard coils are in the way of a shield door of the

type on STARFIRE. For the lower d they need to be where they are, implying

the coils would have to be moved if such a door were removed.

1 <

?/

8

/
I

• •

o
8

/

0
9 0 6

e

f \

0io

\

\

\ \

0
11

Fig. 5-3. Reference 8-m reactor EFC, decoupled from OHC.

The major parameters are:

Stored energy:

Total current:

Coil volume:

A<*"EF,P:

Current density:

6.36 GJ

49.3 MAT

177 m3

-71.2 V-s

15 MA/m2

When considering the differences among burn cycles we note that noninduc-

tlve current drive eliminates the need for an OHC, and this removes two con-

straints on the EFC design: the need for decoupling from the OHC and the need

to prohibit EF coils in the center hole. To assess the impact of eliminating

these constraints we made two designs for the 7-m reactor.
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The first design has no Inboard EF coils while the second design does

have. In both cases a number of coil configurations were examined and the

design described is the best obtained using a small number of colls (five in

both cases). More coils, especially in the outboard region, would somewhat

reduce the stored energy. These designs are shown in Figs. 5-4 and 5-5.

Fig. 5-4. EFC for 7-m reactor, without coils in central hole,

Fig. 5-5. Reference 7-m reactor EFC, including
support cylinder and shear panel

The design with Inboard coils was selected as the reference system for

the 7-m reactor, due to the lower stored energy and coil volume and higher
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without

Inboard
Coils

5.61

50.5

136

-94.9

15.0

inboard colls.

No Inboard
Coils

6.25

51.6

159

-66.2

15.0

The two EFC

systems are described by:

Stored energy, GJ

Total current, MAT

Coil volume, m^

A*EF,P> v"s

Current density, MA/m2

Comparing the reference EFC systems for the 8-m reactor (with OHC) and

the 7-m reactor (without OHC) we see the quantitative advantages of the latter

configuration. The net advantages are not large, however, since the 7-m reac-

tor has the higher plasma current. The advantages of inboard coil placement

would be greatly magnified, though, if a more highly shaped (d > 0.3, or

"bean" shaped) equilibrium Is desired. The strong increase of stored energy

with triangularity Is well known.(2)

5.2.2 EFC Design Sensitivity

Since the EFC designs contain several decisions which are a matter of

judgment, the sensitivity of the design to these decisions has been studied.

The following cases portray the effects of decoupling and inboard coil

placement. Relatively large numbers of coils are used to eliminate bias due

to choice of coil placement.

Case A.

Eighteen coil pairs, equally spaced all around, were included,

and the system was not decoupled from the OHC.

Case B.

The EFC was not decoupled from the OHC but coil pairs were pro-

hibited in the inboard (OHC) region, eliminating five of the above

coil pairs.

Case C.

The EFC/OHC were decoupled and inboard EFC pairs were pro-

hibited, using the coil locations of Case B.
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In all three cases the EF colls are separated by one meter from the TFC case.

The results are given iu Table 5-4. Case A Is most attractive but may be

unrealistic due to control problems when the OH and EF systems must be inde-

pendently driven. Case B again shows the penalty in stored energy if coils

are prohibited from the "hole in the doughnut". Case C indicates the substan-

tial penalty in stored energy if the EF/OH systems are decoupled.

The following cases indicate the sensitivity of the EFC system to the

number of coil pairs and to the distance, &TF/EF' of t*ie E F c0^8 fro™ the

TFC. All of these cases used a set of model coils equally spaced about the

TFC, but with centers not extending into the region R < Rj - (Ajpc^)' t h e

location of the inboard edge of the TFC. The EFC and OHC were decoupled in

all cases and the results are included in Table 5-4.

C*«« Di 20 coil pairs, $xF/£p - 0-2 a

(For ^TF/EF > 2 m, fche model EFCs interfere with the flared

part of the solenoid,)

Case E: 10 coil pairs, fixF/KF " °~2 *

The trends are the same as for 20 coil pairs, but the stored

energy runs higher, as expected. In Case D and Case E the stored

energy and winding volume, both strong cost drivers, increase

rapidly as the separation between EFC and TFC increases, so there is

a strong motivation to decrease this standoff distance, fr^y/up* The

trends of UEF and VEF for the model with 10 equally spaced coil

pairs is displayed in Fig. 5-6.

Case F: 5 coil pair*, &TF/EF " °~2 a

These cases most nearly match the pulsed reference design. The

five coils are moved toward the TFC along radii from the plasma cen-

terline. This procedure should maintain the coils in optimized

positions, although only the coil locations for the reference case

were specifically optimized. This case is included since the

effects (to be studied below) of the EF field on the TFC should be

larger for the fewer coils with correspondingly larger currents.
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TABLE 5-4

EFC Sensitivity (J - 15.0 MA/m2)

Case

A

B

C

D

E

F

%7EF

(m)

1.0

1.0

1.0

0.0
0.5
1.0
1.5
2.0

0.0
0.5
1.0
1.5
2.0

0.0
0.5
1.0

N

18

13

13

20
20
20
20
20

10
10
10
10
10

5
5
5

U
(GJ)

4.25

4.60

5.71

3.03
4.07
5.58
7.28
9.10

3.20
4.30

5.87
7.74
9.63

3.64

4.71
6.36

MAT

45.7

41.0

54.3

32.3
40.6
53.6
64.8
72.6

32.2
41.1

53.4
64.8
73.8

28.1

36.4

49.3

•frEF.P

(V-s)

-65.1

-89.0

-71.6

-69.3

-71.0
-71.7
-72.8
-70.5

a

-69.5
-71.1

-71.7
-71.4
-70.6

a

-68.3

-70.1
-71.2

VEF

(m
3
)

150

157

204

126
159
203
245
275

126
160
200
237
271

117
143
177

*Inner EFC is quite close to solenoid flare.
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300

2.0

'TFC/EFC.m

Fig. 5-6. EFC volume and stored energy versus distance from TFC;
Case E: 10 EFC pairs equally spaced, decoupled from OHC.

The penalty for locating the EFC closer to the TFC is that the local

poloidal field will degrade the TFC performance in three ways: the EF coil

fields may reduce the superconductor current density; eddy current heating

will be larger, especially for frequently pulsed cycles; and out-of-plane

stress fatigue may increase for the TFC structure. These specific problems

are addressed in Sees. 5.2.3 and 5.3 for Case F. The reference configuration

is shown in Fig. 5-3 and the other two Case F configurations are shown in

Figs. 5-7 and 5-8. Note from the figures that it is likely a four-coil pair

design is possible if STF/EF is sufficiently small. This EFC design would

have attractions due to low UEF and small VEF but may well be prohibited due

to fringing effects on the TFC.
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Fig. 5-7. Case F: <STF/EF - 0.5 m.

Fig. 5-8. Case F: ^XF/EF * 0.0 m
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5.2.3 Poloidal Field at the TFC

The poloidal field, B , was calculated at several locations within the

TFC for several variations of the EFC configuration from the 8-m reactor

reference EFC design.

The firBt study was to compute the poloidal field contributions from the

OHC and EFC currents separately. The reference coil set (Fig. 5-3) was used

for this study. The OHC contribution to B within the TFC structure is

typically less than 20% of that due to the EFC, and in all cases it is less

than 0.3 T. The small OHC field is a result of the effort expended to make

the OH field nearly zero in the plasma.

Next, B was computed versus position transversely across the TFC. The

B_ gradient is largest directly beneath individual EF coils. For example, in

Fig. 5-3, B - 1.84 T, 1.36 T, and 1.05 T at points A, B, and C, respectively,

due to the EFC set alone. Points A, B, and C represent the highest Bp values

as well as the largest Bp variation throughout the TFC. For example, Bp -

1.1 T, 0.93 T, and 0.87 T at points D, E, and F of Fig. 5-3. If the TFC

design is similar to that of STARFIRE, then the TFC can operate with B - 5.0 T

on the outer windings, and at B - 11 T on the inner windings. The combined

poloidal and toroidal fields are less than these values everywhere for the

reference design.

The Bp value was computed on the surface of the finite-sized EF coils in

Fig. 5-3. At coil No. 7 Bp = 1.7 T and at coil No. 8 B p = 4.5 T. In all

cases B < 5 I at the EFC outer surfaces, so these coils could be placed

directly on top of the TFC structure without exceeding the critical field for

the outer windings of the TFC. We note, in addition, from Figs. 5-7 and 5-8,

that the EF coils carry even smaller currents and have lower Bp values if they

are moved closer to the TFC. The center of the TFC winding is probably more

sensitive to B_ since Bt is substantial there. At the center of the TFC wind-

ing the diminution of the EFC currents is countered by the increasing nearness

of the EFC currents as SiF/ET ••• 0.. Thus we computed B along the center of

the TFC winding for the three configurations in Case F with STF/EF a **^»

0.5, and 0.0 m using a line current model for the five EF coils. In addition,

the 13-MA plasma current and OHC currents were included to accurately model

the full poloidal field. The OH and EF currents were selected near the end of
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the burn cycle, when the transformer field, B 0 H, Is completely reversed, aince

this time corresponds to the largest Bp effects on the TFC. Figure 5-9 shows

only slight increases In Bp at point B (from 1.1 T to 1.3 T, at A - 8.2 m) and

at point H (from 1.1 T to 1.9 T, at A - 17.6 m) as the KF coils are moved in-

ward. At point G (i - 5.26 m) the Bp strength actually decreases (from 0.82 T

to 0.71 T) as 6 T F / E C + 0. In view of the relatively large Bt component along

the coil centerline it seems unlikely that a reduction of 6 T F / E F would signi-

ficantly degrade the TFC performance, provided the conductor along the center-

line is designed for operation in the 5-7 T range. There are, thus, indica-

tions the EF coils could be moved closer to the TFC, reducing their stored

energy and other requirements. Such a design would necessitate further study,

however.

OPEN CIRCLES: FINITE COILS, 8 T F / E F = 1.0 m

6 8 10 12 14 16 18 19.5

DISTANCE (m)

Fig. 5-9. Poloidal field along TFC midline at end of burn;
reference OH cycle (8-m reactor). The abscissa
is the distance, I, along the coil starting from
the inboard midplane.
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The remaining issue for Che design of the pulsed EFC is the impact of
on out-of-plane forces and eddy current heating in the TFC. To study

this question it is necessary to model the structural components of the TFC,

and this topic will be addressed in Sec. 5.3.

5.2.A EFC Cost and Lifetime

As in the case of OHC, the cost of the conductor and structural materials

for the EFC is estimated from a 50-kA cable design. Since the fields on the

EFC conductors are in the range of 3.2-5.0 T, the cable configuration is

assumed to be hellum-I (4.2 K) pool-boiling coils with niobium-titanium with

copper stabilizer (same as the OHC outer ring coils). Important parameters

and a cost estimate are listed in Table 5-5.

TABLE 5-5

EFC Parameters and Cost Estimate

[8.0 m reactor; single swing vertical field,
tEF » 30 s (up and down), 1-h cycle.]

Temperature (K) 4.2

Niobium-titanium current density (kA/cm2) 110

Total 50-kA cable length (km) 53.3

Niobivm-titanium weight (Mg) 14.7

Copper weight (Mg) 170

Hysteresis losses at 4.2 K (kJ/pulse) 12.7

Pulsing field lossea at 4.2 K (kJ/pulse) 46.4

Refrigeration load for the ac losses at 300 K (kW) 5.9

Stainless steel strap (Mg) 846

Niobium-titanium cost ($M) 3.51

Copper cost ($M) 1.75

Cable processing ($M) 16.1

Stainless strap cost ($M) 11.84

Coil winding cost ($M), (1.5 times the materials cost) 49.8

Total cost ($M) 83
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In Fig. 5-10 the estimated stainless steel strap cost for the hoop stress

support is shown as a function of the number of burn cycles. For the OH

operation the strap cost is increased by a factor of 1.5 for N « 106. This

increase is about 20% of the coil cost ($83 M ) .

The stress amplitude In the hybrid operation is' one-half of that in the

OH operation. Therefore, the variation of the stainless steel strap cost for

hybrid operation is very Insensitive to the number of burn cycle" as shown in

Fig. 5-10. The increase of the strap cost is less than 4% of the coil cost.

5.3 Toroidal Field Poll

Reference designs for the toroidal field coil (TFC) systems were devel-

oped for both the 8-m and the 7-m reactors. In the present study the support

structure was based on the STARFIRE concept, with room temperature shear

panels and a double box construction for the coil cases. The selection of a
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Fig. 5-10. EFC structure cost versus cyclic life requirement.

specific design concept enables us to study the relative effects of pulsed

burn cycles on iTC performance, but we caution that our conclusions will

change quantitatively if a different design approach (e.g. DEM0/F2D/INT0R,
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with 4 K intercoil structure) is considered. The main issues we have studied

include:

• How do cyclic stresses affect the lifetime of the TFC components due

to mechanical fatigue?

• How much (eddy current) heat is introduced into the TFC system when

the vertical fields are pulsed?

• How do the TFC capital costs and refrigeration costs depend on the

choice of a burn cycle?

5.3.1 Reference Designs

The portions of superconductor, copper stabilizer, and co-wound steel

support which comprise the TFC winding pack were computed with the TRAC-II

code, using algorithms previously developed'^) for modeling studies. As

discussed in Chap. 2, the 8-m reactor has a lower peak toroidal field, B M -

9.81 T, than tue 7-m reactor which, like STARFIRE, has By = 11.2 T. Prelimi-

nary concerns that pulsed operation of the 8-m reactor would lead to fatigue

failure in the windings led us to specify a lower stress limit, a, for the co-

wound steel in the 8-m reactor (a = 276 MPa versus a = 552 MPa in the 7-m

device). As a consequence the TFC radial thickness, ATFC, is larger for the

8-m reactor, despite its lower field. A detailed picture of the cabling,

taken from the STARFIRE design, is exemplified in Figs. 5-11 through 5-13.

The inboard legs of the TFC, at R «• Rj, were located as close as possible

to the plasma, consistent with an inboard blanket/shield plus scrape-off width

of &„„ + Ay - 1.4 m. The outboard legs, at R - R2, allowed a clearance from

the plasma of A 5 I S + Ay + AJ " 3.4 m, where Aj permits an access gap; for both

reactors this results in similar toroidal field ripple. The number of coils,

^TFC was cnosen as 12 for both reactors, and a standard, constant-tension

shape was selected using the Moses and Young approximation."4) The magnet

parameters are illustrated in Fig. 5-14, and the dimensions for the two

reference designs are given in Table 5-6. Note that the smaller reactor has s

significantly smaller winding volume. As detailed in Table 5-6, this is

mainly due to the smaller amount of steel required in the winding pack.

Considering pulsed operating modes, we find the largest TFC cost differ-

ences to arise from the different out-of-plane forces generated by the OHC and
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Fig. 5-11. Three-level cabled conductor.
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0.25

Y/K////////////////S////////////////A

J
0.39

1

0.972 o

G-10 INSULATION 0.05-

Nb3Sn COMPOSITE STRAND: 0.120 DIAMETER

COPPER STRAND: 0.120 DIAMETER

SUBCABLE: 0.324 OIAMETER,

10% COMPACTED

ALL DIMENSIONS IN cm

1500 AMP CABLE

(a)

2.38

I XX 1 X
I 1111 1

J

-0.67

1T39

1.55

3 *

1500 AMP CABLE

G-10 INSULATION 0.05

= NbTi COMPOSITE STRAND: 0.105 DIAMETER

= COPPER STRAND: 0.105 DIAMETER

SU8CABLE: 0.284 OIAMETER.

10% COMPACTED

ALL DIMENSIONS IN cm

(b)

Fie 5-12. 24-kA conductor/support module: (a) high field region
r g' (9-n tesla); and (b) 7-9 tesla field region.
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-GROUNO INSULATION SHEET (G-10)

GROUND INSULATION SPACERS (G-10) •

BEARING LOAD SUPPORT STRIP (STAINLESSSTEEL)

HOOP LOAD SUPPORT STRIP (STAINLESS STEEL)

24 kA CABLED CONDUCTOR

INTERTURN INSULATION (G-10)

INTERLAYER INSULATION (G-10)

N\\\\\\\\\\

HELIUM VESSEL (STAINLESSSTEEL)

8.50
ALL DIMENSIONS IN cm

Fig. 5-13. Coil detail: inner radius conductor region.

Fig. 5-14. TFC geometry.
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TABLE 5-6

TFC Dimensions

Item

Maximum field

Major radius

Inboard leg

Outboard leg

Thickness (helium vessel)

Number of coils

Half straight leg

Half height

Radius of Hjnax

Full perimeter

Winding volume

Copper stabilizer

Niobium-titanium

Nb3Sn

Co-wound steel

Helium vessel width

Helium vessel thickness

Shear panel radius

Shear panel height x width

Variable

BM
R0
Rl

R2

ATFC

N T F C

HR1

Tiax

R%ax
L

2TrRiATFCL

2 bt

tHe

RP
h x w

8-ra Reactor

9.81 T

8.0 m

4.06 m

14.15 m

1.08 m

12

3.52 m

6.90 m

7.98 m

39.03 m

1075 m3

2.22 x 105 kg

57.0 x 103 kg

2.00 x 103 kg

3.59 x 106 kg

2.13 m

0.04 m

12.57 m

9.61 x 4.00 m

Values

7-m Reactor

11.2 T

7.0 m

3.19 m

13.02 m

0.94 m

12

4.02 m

7.06 m

6.73 m

39.34 m

741 m3

2.13 x 106 kg

45.6 x 103 kg

4.60 x 103 kg

1.66 x 106 kg

1.67 m

0.04 m

11.94 m

9.63 x 4.05 m

EFC current variations in the mode3 of operation considered. Our assessment

of these forces utilizes one specific model for structural support, based on

the STARFIRE design. As illustrated in Fig. 5-15, the conductor is housed in a

helium container which, as in STARFIRE, is steel of thickness tHe 4.0 cm.

The helium vessel, at 4.2 K, is nested in a room temperature vacuum tank dewar

and supported by criss-crossing struts of G-10. The thickness, tv, of this

steel vacuum tank is a variable in our study and is selected in order to pro-

vide adequate stiffness of the free span of the TFC against out-of-plane band-

ing. The net overturning force on the TF coils is resisted by keys in the in-
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2b0 VACUUM TANK-

77?77777Z777777777777777777777777777777777777777?

DIRECTION OF

OUT-OF-PLANE
LOAD

NOTE: INTERCOIL SUPPORT STRUCTURE NOT SHOWN.

-VACUUM TANK
r LIQUID NITROGEN SHIELD

-HELIUM VESSEL
rCOIL (45 TURNS/FULL LAYER)

Fig. 5-15. Section through one coil in centerpost and outer
regions: double swing OH cycle requires crossed
tiebars, in alternating direction, to accommodate
oscillating out-of-plane load.

board support cylinder and by shear panels which are wedged between the out-

board legs. The straight support cylinder lies against the straight section of

the inboard leg, and the shear panel is at a radius R p which places it beyond

the outboard shield. In our study the shear panel thickness is chosen such

that this panel alone adequately supports the TFC against turning moments.
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5.3.2 Fatigue Due to Out-of-Plane Strqgs

The moment of inertia for a hollow rectangular box beam was calculated for

the bending analysis of the unsupported free span of the TFC. For outer dimen-

sions 2b by 2a (see Fig. 5-15) and a wall thickness t, the moment of inertia is

4(a - t)

3
_ (b _ t ) 3 ]

The helium vessel (inner box) has Ih • 0.151 vf* and 0.0768 mf* for the 8-m and

7-m reactors, respectively. The outer (vacuum vessel) box moment, Iy, was com-

puted'' similarly, and the total moment, I • Iy, + ly was used in our stress

analysis. We assume that the G-10 struts can be situated such that the compo-

site structure behaves as a rigid unit. In addition we neglect any stiffness

associated with the winding pack. This treatment becomes Increasingly accurate

at large vacuum vessel wall thickness, ty, where the outer box dominates the

total moment of inertia. Figures 5-16 and 5-17 display I versus tv; in this

range we see roughly I « ty.

I ' I ' I
8-m REACTOR

8 12 16 20 24 28

Fig. 5-16. TFC moment of inertia, 8-m reactor.
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20

Fig. 5-17. TFC moment of inertia, 7-m reactor.

The current wave forms for the reference OHC/EFC set for the 8-m reactor

are shown in Fig. 6-4 of Chap. 6 for the conventional otaulc drive burn cycle.

Calculations showed the peak out-of-plane force, due to the poloidal field in-

teraction with 18.8 MA carried in each TFC, is a maximum at the end of the

burn, when the EF currents are full value and the OH currents are fully

reversed. Of course, since the OHC fringing field is so low, the forces are

nearly static throughout the whole period when the EFC and plasma currents are

at full value, from 30 s onwards in the burn cycle in the Fig. 6-4.

The running force along the TFC perimeter is displayed in Fig. 5-18 for

the 8-m reactor. As shown in Fig. 5-3, the free span runs between the support

cylinder (poi'it I) at I • 3.52 m and the shear panel (point J) at % - 15.40 m,

a distance of 11.85 m. The forces are large, as high as 21 MN/m, but In oppos-

ing directions along this beam. We treat this free span as if it were a

straight beam with moment of inertia I to calculate the bending moment, M(A)

along its length. M was calculated for various boundary conditions (simple

snpports both ends; clamped both ends; inboard clamped and outboard simply sup-

ported) . Testing our code results with the finite element analysis performed

for the STARFIRE design, we found good agreement if we selected simple supports

for both ends of the beam, so these boundary conditions were adopted for the

remainder of our study.
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2.0 4.0 6.0 8.0 10.0 12.0 11.0 16.0 18.0

DISTANCE ALONG COIL, m
-*— INBOARD OUTBOARD — » -

Fig. 5-18. Force of poloidal coils on toroidal coil, 8-m reactor.

MAXIMUM FIBER STRESS,

0 2 4 6 8 10 12 14 16 18 19.5

Fig. 5-19. Bending moment along TFC; 8-m reactor,
^TF/EF " 1*0 m5 °H burn cycle.

The bending moment is shown in Fig. 5-19; and the maximum fiber stress, a,

at a position I is on the outer surface, where o - M(£)bQ/I. The deflection of

the beam is found by staightforward means^' and is a function of I and Young's

modulus, E. Figure 5-20 displays a typical result [ty - 4.2 cm, I - 0.445 m
1*,

b 0 - 1.26 m, E - 185 GPa (316 LN at 300 K) ] for which o - 371 MPa and with a

maximum deflection of 1.9 cm out of the plane.

The same calculations were done for the 7-m reactor and the reference EFC

configuration (Fig. 5-4). The free span runs from the support cylinder (i m
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0 2 4 6 8 10 12 14 16 i8 19.5

F i g . 5 -20 . D e f l e c t i o n of TFC out of p l a n e : 8-m r e a c t o r ,
&PF/EF • 1 .0 m; I / b o * 0 .353 m^.

0 2.0 4.0 6.0 8.0 10.0 12.0
DISTANCE ALONG COIL, n

14.0 16.0 18.0

-* INBOARD OUTBOARD fc~
Fig. 5-21. Force of poloidal colls on toroidal coll, 7-m reactor.

4.0 m> to the shear panel (Jl - 11.9 m ) , a distance of 11.39 m. Reference to

Fig. 5-21 shows significant advantages of the 7-a EFC system compared to the

8-m system. The forces are lower, only reaching 14 MN/m. Also, the loading is

concentrated away from the middle of the free span and more towards the support

cylinder and shear panel, where the loads are most easily supported. It should

be noted that the coil placements were not chosen to minimize the out-of-plane

forces, but such a design philosophy could have benefits, and would likely make

a comparison of the loading more meaningful.
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In order to select the required thickness of the vacuun tank, ty, to limit

the fiber stress, a crack propagation analysis of the steel case was under-

taken. Standard fracture mechanics^6) nethods were used to predict the crack

width, a, as a function of the number of stress cycles, N. The Paris Law,

da/dN - C0(AK)
n, was integrated for an initial crack a0 using the room tem-

perature properties of Type 316 LN, annealed stainless steel (a typical struc-

tural material for the TFC vacuum tanks): Co - 4.41 x N T
1 0 , n - 2.7, and

fracture toughness K I C - 250 ksi/In. These constants are used in the Paris Law

with a expressed in inches. The variable stress intensity is proportional to

the maximum stress during the cycle and to the square root of the crack size:

AK - 1.2 f o^/va .

The factor f depends on how the stress variation compares to the maximum

stress. For example, fully cyclic stress, from +<fo (tension) to an equal but

opposite stress, -c^ (compression), is more damaging than cycling between oM

and zero stress. We use the damage model which characterizes most metals/

f - (1 -#)°» 6, with 0t= °J°M> °m
 b e l n8 the •ini»>UB- stress. Figure 5-22 dis-

plays the maximum permissible stress for a given number of cycles to failure

for various initial cracks, assuming safety factors of two on stress and four

on cycles.

50 F= 1 1 1 1 > 350

en

a
en

£
X

= O,SINGLE SWING)

N(R = 0 . 5 , H A L F SWING)

10" I03 I06 !07 I08

Fig. 5-22. Fracture mechanics limited stress,
Type 316 LN (annealed) at 293°K.
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Several comments should be made regarding Fig. 5-22. We find that for

typical aQ tens of thousands of cycles to failure occur for o^ - 200 MPa.

Generally, higher ojj is permissible if a smaller number of cycles is speci-

fied. However, in any event the stress should not exceed Sm (the lesser of

two-thirds the yield stress or one-third the ultimate stress), which is 217 MPa

for this steel. Thus, there are no significant reductions in structural

requirements for the 'i'VC once the total number of vertical field cycles is

reduced below about ten thousand.

The stress variations are quite different among the tokamak burn cycles we

consider. For the hybrid and internal transformer modes the plasma current,

IQ, is always maintained near full value, but beta poloidal, 3p, varies from

full value to zero as the noninductive driver is in operation, due, for exam-

ple, to density oscillations. The vertical field due to the EFC is roughly

given by

B0 - 1 x 10-7 — rin(8A) + Pp + C*i "
 3 V 2 1

For typical values of internal inductance and with g varying between ~1.8 and

zero we find B° varies roughly from full to half value during hybrid or inter-

nal transformer operation. This cyclic stress on the TFC is represented by &

= 0.5 and is shown on the bottom-most abscissa of Fig. 5-22. Note that each

stress period corresponds to one fusion burn period. The conventional ohmlc

burn cycle has IQ varying from full to zero each fusion period. If the OHC is

reset to the same polarity before each burn, then the toroidal current direc-

tion is always in the same sense and the out-of-plane force from the EFC is

always in one direction. In this single full swing case SR » 0, and the figure

shows, from the middle abscissa, that fewer cycles to failure can be tolerated

under these conditions compared to the half swing. The worst situation obtains

if B° swings both directions, reversing toroidal current and OHC polarity on

alternating fusion periods. Then *JP =• -1, an<1 even fewer stress cycles are

tolerable than for single swing operation of the EFC. Note, however, in this

mode two fusion burn periods occur for each mechanical stress period.

Considerable controversy exists over what initial crack sizes should be

considered for failure analysis. Conservatism dictates the choice of rela-

tively large aQ, since inspection of the fabricated steel structure becomes

5-29



expensive and unreliable for small flaws. Moreoever, the failure to detect an

initial crack could have serious consequences; even though TFC monitoring is

advisable, periodic remote Inspection will prove challenging, and replacement

of a weakened TFC with a growing crack may prove impractical. On the other

hand, inspaction techniques may not differentiate between harmless stress

risers of dimensions aQ (for example, bubbles) and true cracks. In this case

fracture mechanics could severely underestimate the cycle lifetime of the steel

structure. With these caveats in mind we have proceeded to use fracture

mechanics with initial crack lengths assumed to be one-tenth the thickness of

the vacuum tank, aQ - 0.1 ty, (Additional limitations of our model are evident

if alternative vacuum tank construction techniques are considered. For exam-

ple, the dewar could be formed with several laminations of steel plate, pre-

venting through cracking and gross failure. Certain nonmetallic composites

could be considered for the structure; these materials might be fabricated such

that cracks propagate preferentially along the TFC leg rather than normal to

it).

The fusion cycle lifetime, Nf> was inferred from the maximum bending

moments of both the 8-m TFC (M,,^ - 130.9 MN-m) and the 7-m TFC (^x - 103.1

Mn-mJ. The 8-m TFC is the basis for both the double swing {0i * -1) and single

swing (•#*= 0) ohmic cycle as well as for the hybrid burn cycle (.3P- 0.5). The

7-m TFC is used to model the CW burn cycle (<3tf - 0) as well as the internal

transformer mode G2P - 0.5). The dewar thickness, tv, was computed versus Nj,

and the volume of steel, on the order of hundreds of cubic meters, was

determined.

The cost of the vacuum tank, based on $20/kg (the estimated cost ^ in

1980 dollars) is shown in Fig. 5-23. As expected, the cost is level up to Nf

~ 101*. Hence, a reactor with a day-long burn (tf ~ 10
5 sj has a vacuum tank no

more expensive than that of a CW reactor (Nf ~ 200, tf ~ 3 months). However,

shorter burns accumulate fatigue damage very quickly. For short burns (tf ~

1000 s, Nf ~ 106) the incremental structural costs become prohibitive. We

caution, though, that our cost estimates may be too high at large N^, for the

following reasons. At tank costs of $100 H to $200 M the steel side walls

(Fig. 5-15) are in the range of 20-cm to 30-cm thickness. It may prove imprac-

tical to fora such large, thick members. The prohibitive costs at this point

wculd drive us to consider alternative structural support. For example, an
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Fig. 5-23. Structure cost for TFC vacuum cases and shear panels.

intercoll support structure^) could be used in order to drastically shorten

the unsupported free spans of the TFC, perhaps reducing costs by large amounts.

So we must conclude that the particular model (patterned after STARFIRE) used

in our present study may become inappropriate for TFC structure experiencing

millions of cycles over its lifetime.

We note that there are large differences among the burn cycles for a fixed

Nf. The double-swing ohmic cycle (.#= -1) has the largest stress fluctuations

and hence requires the most massive structural support. For the s?-s Nf, a

single swing ohmic cycle (01= 0) results in cost savings. Even more attractive

is the hybrid burn cycle, since the stress fluctuation is so modest (iSP- 0.5).

For internal transformer operation the relati-^Ty small stress fluctuations (3t

= 0.5) are overshadowed by the much larger number of pulses envisioned for the

life of the reactor (Nf > 10
6), with the net result that this cycle is likely

to be the least attractive in terms of TFC structural costs.

Two additional concerns remain with the STARFIRE-type vacuum tank. First,

welded joints may be more prone to fatigue damage than the flat steel sheets.

More study would be needed to quantify this problem; however, local reinforce-
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ment along the welds might compensate for the poorer structural properties of

the weld. Due to the small amount of reinforcement which would be required,

this Is unlikely to affect the TFC cost significantly. A second concern cen-

ters on the fatigue resistance of the G-10 struts which center the helium

• essel within the vacuum tank. There is presently a very limited fatigue data

base characterizing this material, and an assessment of its life expectancy is

not possible. We note, however, there may be alternative materials (steel,

titanium) which could be used for those struts in the TFC where the local

forces are largest. The main penalty in this case would be a slight increase

in the heat flow from the room temperature tank to the helium vessel (if the

alternate materials are only used for a small number of the struts).

The next support structure considered is the shear panel, which resists

the net torque on the TFC. Previous studies have shown that this panel sup-

ports most of the torque, and in our calculations we will neglect the small

contribution from the central support cylinder. The forces on the shear panel

are nearly coplanar, so we neglect bending. The outer TFC legs and carry-

through^^ are assumed to be in non-slip contact with the panels. For a per-

missible shear stress, T, a rectangle of width w requires a thickness'-*)

ts = FPJ/WT ,

where P> is the total force along the upper leg of the TFC from the support

cylinder out to the midplane. For the 8-m and 7-m reactors Pj is 62.08 MN and

79.81 MN, respectively. We set the safety factor, F, to be 2 to allow for

stress risers at penetrations, along the edge at the keys and pins, etc. The

panel is deflected out of vertical by d «• hi/G, where for Type 316 LN stain-

less, the modulus of rigidity is G = 74.57 GPa. h is the panel height.

As with the vacuum tank, a fracture mechanics life analysis was performed.

For a given stress T the pantl thickness is calculated, and the fusion cycle

lifetime is inferred from Fig. 5-22, assuming an initial crack aQ = 0.1 tg.

Although Sm = 217 MPa, we limited the maximum stress to 155 MPa since higher

values result in deflections exceeding 2.0 cm. The cost of the shear panels,

based on $16/kg, was found for various burn cycles, and this is also shown in

Fig. 5-23. The cost trends exactly parallel those for the vacuum tank, but

their magnitude is considerably smaller.
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As we have found, the TFC support structure cost is a strong function of

the number and type of fusion burn cycles. To place this cost component in the

context of the total TFC cost, we have estimated the fixed costs for the 8-m

and 7-m reactor TFC systems. The helitm vessel is costed at $26/kg, which

results in a $29.4 M and $24.2 M expense for the 8-m and 7-m reactors. The

conductor winding pack, including fabrication and winding, was estimated to

cost $28/kg, $99/kg, $196/kg, and $14/kg, respectively, for copper, niobium-

titanium, NbjSn, and stainless steel. Based on the material quantities (Table

5-6) this results in a cost of $120.0 M for the 8-m reactor and $89.9 M for the

7-m reactor.

The total cost of the TFC for various cycle options is shown in Fig. 5-24.

We see that a single swing OH cycle operating with a one-hour burn will entail

capital costs at least $100 M higher than a reactor operating in the CW mode.

This disparity is greatly reduced if the ohraic burn period could be extended to

8 h or more. If neither of these options is available, but low-density current

drive permits operation with a hybrid burn cycle, then any fusion cycle period

400
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200

i
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I

, — ®
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OH (SINGLE SWING)
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I
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Fig. 5-24. Capital cost of TFC: conductor, steel in winding, helium
vessel, vacuum tanks, and shear panels — STARFIRE design
concept; Type 316 LN (annealed); initial crack assumed at
one-tenth of structural thickness; $1980, per Chap. 22 of
ANL/FPP-80-1 (Ref. 8).
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exceeding about 30 min becomes competitive. In any event, the internal trans-

former cycle is unattractive since it has such a tremendously large total num-

ber of cycles in the reactor lifetime (Nf > 10
6). A completely different

design philosophy would be required, e.g. inter-coil support structure,^*' to

accommodate coil fatigue in such a case.

5.3.3 Eddy Current Heating

Time varying magnetic fields generate heat in superconducting magnets,

and we must address this problem for the TFC system. In the winding pack this

heat generation has been calculated for past tokamak design studies, *•"•' and

the result is that this contribution is, invariably, very small. Thus we con-

centrate on eddy current heating of the cryogenic, 4-cm thick, steel heliun

vessel encasing the winding. (Our model for TFC support assumes the helium

vessel is insulated thermally by the G10 struts from the out-of-plane sup-

port structure. If an alternative design approach, such as for FED, with cry-

ogenic intercoil supports, were selected, additional eddy heating locations

might be introduced.) Moreover, we calculate the heating due to only B , the

time varying poloidal field component normal to the TFC surface, since this

dominates the heat generation due to B..

Following Kalsi's evaluation method,(^) w e find that the heating per

length along the TFC helium vessel is dP/dA = I. (fi )2/p, where I h is the out-

of-plane bending moment of inertia for the rectangular helium vessel, and

where p is the case resistivity (56 x 10~8 JJ-m for Type 316 LN at 4.2 Kj.

The EFC cycle is idealized with a linear ramp at the start and end of the

fusion burn, fi. = B. /At™, and the heat is constantly removed during a full

burn period of tf + 2Atgp + 2AtQH + t^. (See Chap. 6 for definitions of

these terms.) B was found numerically and the time-averaged power was
Jin ax

calculated by

x NTFC

There are three situations which tend to aggravate this heat production.

First, any increase in the amount of cryrogenic material, such as increases in

the thickness of the helium vessel wall, will tend to increase I. , and P
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proportionally. More Importantly, fast ramps of the vertical field increase

the heating, since P « tt~zk. Finally, shorter fusion cycles tend to increase

P, since there is less time to remove heat generated during the EFC ramps.

Table 5-7 shows P for several combinations of At£F and fusion burn

periods, tf. The total heat generation is taken roughly to be P"T0T - 1.2 x P

+0.1 kW. The factor 1.2 accounts for fi effects and losses within the coil

windings, and the constant, 0.1 kW, is roughly the nuclear heating expected.

TABLE 5-7

Eddy Current Heating in TFC

(T = t 2 t
E F

2 t
0 H tdw

Reactor cdw -EF c0H
pkw -kw

*tot
-MW
300°K

CFED

($M)

Vary tf

8-m
(OH, hybrid)

7-m
(IT)

3600
3600
1800
900

7200
14400

600
3600
200
60

30
30
30
30
30
30

10
30
10
10

30
10
10
10
10
10

10
30
10
10

0
10
10
10
10
10

0
0
0
0

3690
3670
1870
970
7270
14470

630
3690
230
90

0.686
2.069
4.061
7.83
1.04
0.525

3.971
0.776
10.88
27.8

0.923
2.583
4.97
9.49
1.35
0.730

4.87
0.371
13.15
33.5

0.323
0.904
1.74
3.32
0.473
0.255

1.70
0.130
4.60
11.7

0.786
1.68
2.74
4.42
1.04
0.659

2.69
0.40
5.62
11.2

Vary tEF

8-m
(OH, hybrid)

7-m
(IT)

3600
3600
3600
3600

200
200
200
200

30
30
30
30

0
0
0
0

20
15
10
5

40
20
10
5

10
10
10
10

0
0
0
0

3690
3680
3670
3660

280
240
220
210

1.03
1.38
2.069
4.15

2.23
5.21
11.4
23.8

1.33
1.75
2.583
5.08

2.78
6.36
13.7
28.7

0.467
0.613
0.904
1.78

0.973
2.22
4.81
10.04

1.03
1.26
1.68
2.78

1.78
3.28
5.81
10.03
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The room temperature refrigerator power Is Po0OK " ^ *t t' and we find this

electrical power is almost always negligible in the plant's power balance. The

capital cost for the cryogenic refrigeration, in 1981 dollars, is taken as™'

Again, we find these capital costs are quite small compared to the overall

power plant cost. Thus we conclude that burn cycle alternatives, while they

affect circulating power and capital costs, have a relatively small effect on

the power plant in general.
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Chapter 6. POHER SUPPLY COST, BOO CYCLE EFFECTS

6.1 Burn Cycle and Energy Transfer Systea

In this chapter burn cy^le parameters and the requirements and cost cf

the energy transfer system are analyzed. The energy transfer system (ETS)

consists of the ohmic heating (OH) and equilibrium field (EF) power supplies,

and the thermal storage system. A steady-state tokamak reactor does not need

thermal storage. Power supply requirements are minimal since startup can be

accomplished in a long time, e.g. ~30 min in the case of the STARFIRE concep-

tual design. In contrast, pulsed tokamaks will have large power supply

requirements due to the need to transfer large amounts of energy (~10 GJ) in

short times (~10 s). A thermal storage system is needed for pulsed reactors

(see Chap. 4) to maintain turbine power and blanket temperatures between burn

pulses. These systems are expensive and therefore constitute a key difference

between pulsed and steady-state tokamak reactors.

Energy transfer system requirements, and burn cycle parameters, were ana-

lyzed for three types of pulsed cycles discussed in Chap. 2: conventional,

hybrid, and internal transformer. The 8-m reference reactor design was used

in the analysis. The cycle? were further subdivided into those having a water

coolant or a liquid metal coolant. As discussed in Chap. 4, the liquid metal

coolant results in a cheaper thermal storage system.

The key burn cycle parameters, from the standpoint of stress problems,

and overall economics, are the length of the burn cycle and the net power pro-

duced, and these are compared for the various cycles.

The following general trends were noted in this analysis. For all oper-

ating cycles, the energy transfer system costs are highly dependent on cycle

parameters — it is important to choose these parameters carefully to minimize

cost. The large value of EF stored energy (~6 GJ) precludes the use of very

fast startup times, in all cases. No cycle is as good as steady state. For a

water-cooled conventional cycle, the cost of the ETS is ~450 M$. A liquid-

metal based system is cheaper by ~150 M$. The ETS cost for a hybrid cycle is

less than for a conventional one. In addition, the hybrid cycle eliminates

the plasma breakdown period and may reduce the number of plasma disruptions.
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Although these are not fundamental differences, the hybrid cycle appears to be

promising and warrants further study. In contrast, the internal transformer

cycle appears to be a poor choice of operating mode due to a combination of

short burn time and high ETS cost.

6.2 Conventional Cycle

The burn cycle and the energy transfer system of the reference 8-m reac-

tor were analyzed for a conventional cycle, i.e. one using an OH coil to sup-

ply volt-seconds for startup and burn. The analysis used the CTRAN, profile-

averaged, time-dependent code") to develop the general features of the burn

cycle. Based on these results, a simpler parametric model was used for a

trade-off study of cost versus cycle parameters. The analysis also made use

of results found in an earlier study of power supply requirements for commer-

cial fusion reactors.'2'

A power supply system developed for the conventional cycle is shown in

Fig. 6-1. A typical burn cycle using this system is shown in Figs. 6-2

through 6-4. The power supply system, and the burn cycle operation, were

chosen to minimize power supply requirements. The emphasis of the analysis is

on the startup period since it was found^' that shutdown imposes no addi-

tional requirements except if skin current formation in the then hot plasma

proves to be a problem, a subject that remains to be resolved.

As shown in Fig. 6-1 the OH coil is driven by two types of energy trans-

fer devices. (The OH current, over a complete burn cycle, is shown in Fig.

6-2.) A dump resistor is used for startup to ramp down the initially charged

OH coil in a time defined as the "ohmic heating time", t0Tj. For the cycle

shown, tQH « 15 s. This resistor could probably be of the nonlinear type,

e.g. zinc oxide, or silicon carbide as proposed for the TFTR-OH system.^'

The cost of the resistor (or resistor bank) itself is trivial; all of the cost

is essentially in the switch used to connect the resistor to the OH coil. A

solid-state switch based on thyristor (SCR) circuitry is probably needed to

insure reliability over the tens of thousands of operating cycles. The switch

cost, to be discussed later, is still less than any alternative power supply.

The resistor was modeled as having an ideal, i.e. constant, voltage drop, when

connected. The same resistor is also used for the shutdown. The OH current
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waveform during shutdown Is almost the reverse of the startup except that

somewhat less ramp down of I 0 H Is needed. During the burn period the OH cur-

rent Is slowly iaaiped up to make up for resistive losses In the plasma. The

power needed to do this Is relatively small, ~15 MVA. Finally, after shut-

down, the OH coll mist be recocked to the full 10-T value for the next burn

pulse. This Is done In a "dwell period" with duration tp^gLi/ During the

dwell period the plasma chamber is evacuated and then filled with fresh

deuterium-tritium gas for the next burn pulse. The recocking OH power supply

Is a rectifier/invertor SCR-type supply operating out of an MGF set. The OH

coil, for the reference reactor design, has a stored energy content of ~19 GJ

at 10-T field. The cheapest way to recock the coil is alternate the direction

of induced plasma current every pulse. Thus, in the example shown, IQH is

driven from ~80 MA turns to 163 MA turns in the dwell period rather than from

~80 MA turns to -163 MA turns if this strategy were not employed. We note

that this alternating current mode aggravates the toroidal magnet fatigue, as

discussed in Chap. 5; thus, the power supply cost saving might be offset by

the possible need for a more expensive TFC system. Another cost savings tech-

nique is to use the same OH recocking SCR supply to drive the EF coil during

startup and shutdown and the OH coil during the burn phase. This useage

requires that the OH and EF coils have compatible voltage and current require-

ments. It appears possible to configure the coil windings to do this. The

SCR power supply requirements are then set by whatever system, EF or OH, has

the maximum power needs.

A low density startup, together with initial rf heating, is used in the

cycle shown to minimize resistive volt-second losses. Thus the plasma is kept

fairly hot throughout the "ohmic heating" portion of the cycle. For the cycle

shown, the resistive volt-second loss during startup is only 5 V-s.

The second phase of the startup is defined as the "EF ramp". During this

period the plasma is heated to ignition and the EF current brought to its full

value. Throughout the startup the EF current is raised to maintain the plasma

in MHD equilibrium. The EF power requirement is given by the product of the

maximum EF voltage and the maximum current. In order to minimize the EF volt-

age during startup, the rf power and hence the heating rate is carefully modu-

lated. The control algorithm used was designed to maintain a fixed rate of

net heating power during different portions of the cycle as follows:
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where
(6-2)

and Prf is the rf heating power, Pa is the alpha-heating power from fusion, PR

is the radiated power, and P T R is the transport loss power. The rf power was

varied according to Eqs. (6-1) and (6-2). In addition, xenon was added

towards the end of the startup to establish plasma thermal stability. As

shown in Fig. 6-4 this rf control algorithm is fairly successful in maintain-

ing a constant EF voltage during startup and is probably typical of the con-

trol stategies to be employed. In view of the conceptual nature of this

study, it is assumed that a more refined control method could result in a

nearly constant value of VEF, and this was assumed for costing purposes.

For the cycle shown, a burn time of ~51 min could be obtained, based on

the OH flux swing of 307 V-s available for the burn period and on a plasma

loop voltage of ~0.10 V. This loop voltage is based on neoclassical Spitzer

resistivity, using an anomaly factor of 2.5 to account for trapped electrons.

Another parameter of interest in comparing burn cycles is the rf power

needed for heating to ignition. A feasible steady-state reactor requires on

the order of 100 MW input into the plasma for current drive (i.e. much more

than this would not be economically feasible). A pulsed reactor requires no

currant q"rive power but still needs auxiliary power to reach ignition. In a

steady-state reactor the same rf system could hopefully be used for both pur-

poses, i.e. heating and current drive. A study was made, using the CTRAN

code, to identify the minimum rf power needed to reach ignition. For the

reference reactor this value was found to be ~75 MW. Thus the rf heating

power needed for ignition is similar to that needed for current drive, for

feasible values of current drive efficiency.

Of course, the power required for current drive is a central issue for

the feasibility of steady-state tokanaks. In comparing pulsed to steady-state

tokamaks, a heating-only rf system might be cheaper due to relaxed antenna,

frequency, and other requirements. However, for the present purposes only

differences in the ETS cost were assessed.
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6.3 «r>terlc An«ly»l«

A trade-off study of energy transfer system cost versus burn cycle param-

eters was performed for a conventional cycle,' based on the 8-n reference reac-

tor design. The burn cycle parameters were the OH ramp time, t Q H, the EF ramp

time, t £ F, and the dwell time, tDWELL
The power supply requirements were modeled as follows:

, as defined in the previous section.

_max

OH

.(1)
PEF

p<2)

OH

°'75 &*0H *
LDWELL

EF
C0H

JEF

•-EF

(6-3)

(6-4)

(6-5)

(6-6)

rEF

(2)

(l) . p(2)
EF EF

CEF < t0H

tEF >. t0H

(6-7)

max max rOH» (6-8)

where P Q H is the reactive power isolation requirement of the dump resistor/

switch, PgH is the OH recocking requirement, P E F is the EF reactive power

requirement, and P m a x is the reactive power requirement of the SCR supply used

for both OH recocking and EF drive. P m a x is also the requirement of the gener-

ator portion of the HGF set. The other parameters are Ig*^ * 163 x 106 A,

A$OH " ^ ^ V~s» an^ UEF " 6.36 GJ. The stored energy requirement of the M6F

set is approximately constant, at ~30 GJ. Finally, the thermal storage system

time requirement is given by:
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tdown * 2 ^ H + *EF + tDWELL * (6~9)

This "downtime" is approximately equal to the time over one burn cycle when no

fusion power is produced, considering the fact that there is some fusion power

during the EF ramp-up and ramp-down periods.

The cost algorithms used for the power supplies were obtained by multi-

plying those used in Ref. 2 by a factor of 2 to approximately escalate them to

1983 dollars. (The original cost estimates were based, In part, on the TFTR

experience.) The resulting cost algorithms are as follows:

C 0 H - $0,016 x P 0 H (6-10)

cmax - S0-1 * p m a x + 70 M$ • < 6- n>

where CQJJ is the cost of the dump resistor/switch and Cmax is the combined

cost of the SCR supply and the MGF set. The thermal storage system cost is

given by:

(70 M$ + 3.70 M$ (t d o w n - 10), H20 system
(6-12)

30 M$ + 2.0 M$ x (tdown - 10), lithium-sodium system,

where a minimum downtime of 10 s is used in either case. The total energy

transfer system cost is then:

A range of cycle parameters varying from 5 to 50 s was examined. It was

found that a choice of tQH <* tgp is about optimum for a fixed value of t])WELL*

The resulting ETS cost for this parameterization is shown in Fig. 6-5 for the

H20 system and in Fig. 6-6 for the lithium-sodium system. The results show an

interesting tradeoff between the power supplies and the thermal storage sys-

tem. At short dwell times, <10 s, the recocking supply requirements become

very high and dominate the cost. At longer times the increase in thermal

storage costs offsets any savings in the power supply. For a given value of

t0H there is a broad minicua in cost for a 20- to 30-s dwell time. The total

cost for the H20 system is minimized at tQH - 5 s ; however, other considera-

tions such as required heating power and control, and density ramp speed limi-

tations may come into play at this relatively short time.
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For the typical values of tQH - tEF • 15 s and t D W E L L - 30 s the ETS cost

is 475 M$ for the H20 system. Thus the ETS cost is a substantial fraction of

the total capital cost. A liquid-metal-based system costs about 325 M$, a

savings of 150 M$ over the water system.

6.4 Hybrid Cycle

As discussed in Chap. 2 the hybrid cycle uses an OH coil to maintain

plasma current during the burn, and a current drive system to maintain current

during a period of time when the OH coil is recocked. The plasma density is

reduced for the recocking period so that the current drive jan function effi-

ciently. After recocking, the density is ramped up and fusion power produc-

tion resumes. Similar types of power supplies are needed for the hybrid cycle

as the conventional system except that an OH dump resistor is not needed. The

equivalent circuit of a system used for the hybrid cycle is shown in Fig. 6-7.

As with the conventional system the same SCR supply can be used for both

OH and EF colls since these colls are pulsed at different times. The current

drive source, assumed to be rf, is shown as an equivalent current source in

the plasma loop. From Fig. 6-7 the equations for the OH and plasma loop are

given by:

d I

- «OH,P T T - V0H
at

R (I - i ) +£_ fL I ) - HM —— + Mcr, -JZ (6-15)
p p r f dt p p OH>P dt E F ' p 7 d t

where M's denote the respective mutual inductances and where the fact that

M E F QJJ » 0 has been used. During the OH recocking phase dlp/dt » 0 and

dL /dt « 0. Also during this phase dl~p/dt «/0. The required value of volt-

age needed to recock the OH coil in a "dwell" time, tpyj^T is t n e n given by:

(6-16)

where A<p__ - L il is the OH flux swing during the recocking phase.
OH OH On /

/
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Fig. 6-7. Power supply system for a hybrid cycle.

The OH power required for recocking is given by:

2umax
OH

OH
AtDWELL

(6-17)

where ujjjj* is the stored energy of the OH coil when fully charged.

From Eq. (6-16) the required value of 1 ^ needed to maintain a constant

plasma current during the recocking phase is given by:

Lrf
T -OH
D '
P R

P

(6-18)

where the relation M 0 H p - L Q H has been used.

The required if power, corresponding to this current, is generally be-

lieved to have the following form:

rf (6-19)

where K,^ is che plasma density, in units of 10 2 0 m'3, a n d y u t h e c u r r e n t

drive efficiency at N, - 1. Combining the above expressions then gives for
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the required rf power In terms of y and the dwell time:

N

P
e20

rf
I +
P

fOH

R t
p DWELL

(6-20)

Thus the required rf power depends linearly on the density during the recock-

Ing phase and also depends strongly on the plasma resistance during this

phase. Obtainable values for these parameters as well as the value of y are

uncertain. A brief analysis of various hybrid burn cycles with the CTRAN code

show that the following parameters may be N - 0.02, R^ =• lO"'' ft. [A key
e20 p

technique Is to keep the plasma temperature fairly low (several keV) during

this phase in the injection of xenon.]

A value of y * 0.02 A/W was assumed for reference purposes on this

basis: if y were ten times higher, then a steady-state cycle would be chosen,

i.e. there would be no need for a hybrid cycle; and if y were ten times lower,

then no form of current drive cycle would work. The effect of different

values of y on tl : ETS system is discussed in Sec. 6.6.

The value of plasma current during the dwell period is lower than for the

burn period. This is so because the reduction in EF current, necessary be-

cause of the reduction in plasma 3, during the density ramp-down phase,

reduces I . Conversely when the density is ramped back up, I E F increases and

ramps Ip up to its full value. From CTRAN results the value of plasma current

during recocking was found to be I_ » 10 MA.

The hybrid cycle offers several options in regards to the OH coil

design. One option is to design an OH coil to give the same burn time as a

conventional cycle. Since the hybrid OH coll is only used to supply burn

volt-seconds the OH field strength coil for this option would be lower than

for the conventional cycle. This is the approach discussed first. Another

option is to use a different value of field to obtain a different burn time —

this is discussed later.

The value of OH field needed to obtain a burn time of 51 mln, i.e. the

same as for the conventional cycle is B Q H » 6.53 T. This gives a flux swing

capability of |A<|)0H| - 4 7 0 ( B O H / 1 0 T) " 307 V-s. The stored OH energy at full
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field is U™?* - 8.2 GJ, considerably less than the 19.2 GJ needed for the
On

conventional cycle OH coil.

With the above parameters the required rf power is:

Prf - 107 + 3 * 1 Q 9 . (6-21)
CDWELL

For a value of I^WELL " 30 s» f°r example, Prf » 110 MW.

An additional cycle parameter is the EF ramp time, tEF, defined as the

time in which the density is ramped down. The density ramp-up phase also

takes a time tEF. During the rampdown, the EF current is reduced from the

full value to about one-half the full value, as 0 drops to nearly zero and the

plasma current drops by 30%. If the plasma is controlled in an optimum man-

ner, the EF voltage is given by VEF • LEF(lEP/2)/tEF. The corresponding EF

reactive power requirement, PgF » VEF x I E F is then:

EF
PEF - -2- • (6-22)

CEF

The thermal storage system time capacity required for the hybrid cycle is

given by:

tD0WN " tDWELL + tEF * {6"23)

A parametric analysis was performed for the hybrid cycle by varying t E F and
cDWELL* T h e E T S re(iuirement8 and costs were computed in an analogous manner

to the conventional system:

P*H - 32.8 x 109 ^ ^ (

tDWELL

l V A (6.25)
tEF

P«ax
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C - 0.1 x P + 46 x 106 , $ (6-27)
max max

C,•ST (6-28)
70 x 106 + 3.7 x 106(tDQWN - 10) , $, H20 system

30 x 106 + 2.0 x 106(tDOWN - 10) , $, liquid metal system

CETS " *ttAX + **ST • (6-29)

In addition, the incremental cost of the rf system, defined as the dif-

ference in cost between the rf system required and a 75-MW system was computed

by:

Prf - 10 + 3000 , MW (6-30)
tDWELL

ACrf - 1.5(Prf " 75 MW) , M$ (6-31)

where a minimum value of Prj » 75 MW is used based on the need to heat the

plasma to ignition.

The ETS cost of a hybrid system for various values of cycle parameters is

shown in Figs. 6-8 and 6-9. The solid curves are Cg^g and the dashed curve is
CETS + i C r f The dashe(1 curve indicates that one would expect to pay a high

price for recocking in short times, because of the high rf power needed. At

long dwell times the costs go up due to increases in the thermal storage sys-

tem cost.

Reasonable values of hybrid cycle parameters are tp^g^L * 45 s and tgp »

15 s. At these values the ETS cost is 375 M$ for the H2O system and ~250 M$

for the liquid-metal system. This represents a savings of ~60 M$ over a con-

ventional systerj. While this is significant it is not a fundamental differ-

ence. Cost differences in the current drive system could easily offset ETS

system savings. However, the hybrid cycle offers a number of other advantages

over the conventional, these being the following: The EF field swing is

reduced by about a factor of two for the same number of cycles. This reduces

stress on the TF and OH coils (Chap. 5). Secondly, the elimination of the

plasma breakdown period, and most of the plasma current swing, may reduce dis-

ruptions. Thus, the hybrid cycle may be better than the conventional in a

number of important areas.
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The hybrid cycle using different values of BQH was also analyzed. B 0 H

was varied from 0 to 10 T. For each value of B Q H a parametric analysis was

performed for the ETS cost. In general, the optimum cycle parameters (tEF,
cDWELL) diffsr substantially over the range of B0H.

For the limiting case of B Q H = 0, the burn time is zero but there is

still a finite cost due to the EF supply and thermal storage systems. For
B0H •£ 3 T the ETS varies almost linearly with burn time. The maximum burn

time obtainable, at BQ H = 10 T, is about 50% greater than the burn time for a

conventional system. These results are discussed in more detail in Sec. 6.6.

6.5 Internal Transformer Cycle

As discussed in Chap. 2, the internal transformer (IT) cycle does not use

an OH coil at all but instead relies on overdriving the plasma current with a

noninductive driver. This is done during a low density period. The plasma is

then brought up to ignition and burns until the current decays to some minimum

value. The density is then ramped down and the cycle is repeated.

The energy transfer system for the IT cycle consists of an EF power

supply and a thermal storage system. A fundamental parameter for the IT cycle

is the plasma current overdrive ratio defined as:

Pi
n = » (6-32)

I
PO

where I is the maximum plasma current induced, and I is the required mini-

mum plasma current. For the IT cycle the plasma current is given by Eq.

(6-15) with M0Ij • 0. During the burn phase this has the solution

I = I e"t/T ,
P Pi

where T is the plasma time constant during the burn phase. The burn time is

given by the time it takes for Ip to decay to I :

CBURN * x log n . (6-33)

During the current drive period the plasma current is given by:
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I - I . + (I- - I Je~t/T' ,
p rf ^ p 0 rf}

where T ' is the plasma time constant during the current drive period and I"
PO

is the plasma current at the start of the current drive period. I" is some-
Po

what less than I due to the EF rampdown preceeding the current drive
PO

period. From the above equation the dwell time necessary to obtain a current

'p. is given by:

"DWELL T' In
rf Po

rf Po

(6-34)

The EF ramp period for the IT cycle is the same as for the hybrid. How-

ever, the EF stored energy is higher because of the higher plasma current.

The EF power requirement was modeled as follows:

1 F FEF 0

P E F = , (6-35)

where U__ is the EF energy corresponding to I and where the scaling BVK. ~t* o PO ir

I_ is employed. (EF power is also needed during the burn phase as I p decays

and where f$ is assumed constant, but this can be shown to be smaller than

given by Eq. (6-35). The MGF set stored energy was also scaled accordingly.

A clearly unfavorable scaling of the IT cycle is that while burn time in-

creases only logarithmically with overdrive ratio, the EF power increases as

n2. Also, a higher EF field B E F is required which tends to result in a higher

cyclic scress on the TF system. The EF coil system also needs to be bigger,

although this may be offset by the elimination of the OH coil. Neither the EF

coil design, nor the plasma MHD equilibrium characteristics at higher values

of plasma current were assessed for this study, but these may be serious

issues for the IT cycle.

The final parameter for the IT cycle is the thermal storage requirement,

given by tDowN * 'DWELL + 'EF* T h e co8t a l g ° r i t h m s for the E F supply and

thermal storage systems used previously were applied to the IT system. Simi-
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lar parameters to the hybrid cycle were used, where applicable. The parame-

ters used were: I - 13 MA, I' - 10 MA, T* - 171 s, and T » 2236 s.

A parametric analysis of the IT cycle using a range of overdrive ratios

from n * 1 to 2 was performed. Note that a value of n • 2 corresponds to

twice the plasma current and four times the plasma magnetic energy needed for

the other cycles and this was Intuitively felt to be a feasible upper limit.

For each value of n a range of tEF from 0-30 s was used. From CTRAN analysis

of this subject it was found that a value of tEF - 5 s Is probably the minimum

possible in which to reduce density by a factor of SO while still maintaining

good control of the EF voltage. In any event, the ETS cost was found to be

minimized at larger values of tEF, (15-25 s) In all cases.

The results of the parametric study of the IT system are discussed in the

following section.

6.6 Burn Cycle Comparison

Using the models described previously, the cost of the energy transfer

system was computed as a function of burn time for a conventional, hybrid, and

internal transformer cycle. The costs shown include incremental rf costs at

$1.5/W where applicable. The results are shown in Fig. 6-10 for the water-

cooled, 8-m reference reactor. The trends are similar for a liquid metal sys-

tem with all costs reduced. For the conventional and hybrid cycles the

obtainable burn time is varied by varying the OH design field, BQ H, For a

conventional cycle, B0H varies from 4 I to 10 T; the minimum value is needed

to supply inductive volt-seconds for startup. For the hybrid cycle BQ H varies

from 0 to 10 T. For both cycles the bum time varies linearly with B0H. For

the IT cycle the overdrive ratio, n» is varied from one to two. For the

hybrid and IT cycles a broad range of current drive parameter Y/Ne was

used. Each point on the curves of Fig. 6-10 represents the cheapest ETS cost

identified by the parametric analysis. In general, the duty factor and net

power produced are about the same for the conventional and hybrid cycles at

longer burn times, but are lower for all cycles at short burn times.

For the conventional cycle, the ETS cost increases fairly slowly with

burn time. There is probably no point in using less than the maximum burn

time of 51 min, corresponding to BQQ » 10 T.
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Fig. 6-10. Energy transfer system cost as a function of burn time
and cycle type. [Includes incremental rf cost «
$1.5 x (p f - 75 MW) where applicable.]

As shown, the internal transformer cycle is limited to an ~25-min burn

time. This corresponds to an overdrive ratio of two. The cost of the ETS

system, for the IT cycle, depends on the current drive parameter. For a value

of y/Ne * 0.2 A/W, which appears to be a probably attainable value, the ETS

cost for the IT cycle is comparable to the conventional, at a 25-min burn

time. For any given value of -\/Tie , the IT, ETS cost is significantly more

than the ETS cost for the hybrid cycle.

The hybrid cycle has the potential of burning about 50% longer than the

conventional. For burn time of -51 min the ETS cost for the hybrid cycle is

comparable to the conventional for values of f/Ne, ^ 0.5. For values of

y/Ne < 0.5, the hybrid cycle is probably unacceptable.

The burn time of all the cycles is linearly dependent on plasma resis-

tivity during the burn phase. Therefore, uncertainties in the resistivity

affect the burn time of all cycles equally.
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Table 6-1 summarizes the net electrical power and several other parame-

ters, for the various types of cycles including a steady-state cycle. The

number of cycles, N , is shown for a 40-yr plant lifetime at 75% availability.

Data for the steady-state mode is based on extrapolation from the STARFIRE

burn cycle. The ETS system for the steady-state mode is very modest. The net

electrical power produced for each cycle type depends on the respective duty

factor and the expended current drive energy. For the IT cycle with n • 1.1,

the net power is 102 lower than for the 51-min conventional cycle, a serious

deficiency. An overdrive ratio of n • 2 is necessary to produce about the

same power as the conventional. The hybrid cycles of 51 and 77 min produce

essentially the same net electrical power as the conventional, since the duty

factors approach unity. Calculations for the steady-state cycle were based on

a value of 100 MW of input current drive power to the plasma. This results in

the net power of 1360 MWe based on STARFIRE values of current generation effi-

ciency, and thermal-to-electrical efficiency.

6.7 Discussion

The results shown in this chapter represent a first cut at comparing

cycle types, as regards the ETS requirements, and general burn cycle parame-

ters. There are clearly uncertainties in some of the critical physics Issues

such as obtainable densities, current requirements, etc. In addition, the

cost algorithms used are fairly general ones intended for broad comparison

purposes only. In spite of these qualifications, several conclusions can be

made. The internal transformer cycle is not an attractive approach because of

limited burn time and high ETS cost, to say nothing of possible difficulties

with operating the plasma at up to twice the nominal plasma current. How-

ever, the IT cycle would look better, in relative terms, for smaller tokamaks

than the 8-m design. In contrast, the hybrid approach looks promising al-

though differences between the hybrid and conventional cycles are much less

than the difference between both these and a steady-state cycle.
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TABLE 6-1

Burn Cycle Parameter and Cost Stmmary

Burn No. of Energy Transfer Net Electrical
Time Duty Cycles System Cost Power, Pnet

Cycle Type (min) Factor (Nc) (M$) (MWe)

Internal transformer

n - 1.1 3.5 0.87 3.9 x 106 178 1280

Internal transformer

n - 2.0 26 0.95 5.6 x 105 404 1400

o> Conventional (double swing)

B0H " 10 T 51 °*97 3'° x 1()5 U2b 1430

Hybrid

B Q H « 6 . 5 I Jl 0.97 3.0 x 105 371 1430

Hybrid

B0H " 10T 7 8 °*98 2.0 x 105 493 1445

Steady state

Prf - 100 MW 6 mo 1.0 -100 -10 1360
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Chapter 7. XHTKMM CONGLOSIOtfS

For capital Intensive power plants the cost of energy will be largely

determined by plant availability and initial capital cost. This study of

tokanak burn cycles has found certain cost differences among the cycle options

and has identified differences in cycle performance which will affect relia-

bility and, hence, availability. Thermal and mechanical fatigie affect com-

ponent lifetime, which has a tremendous Impact on rjactor availability. Capi-

tal costs are driven by requirements for energy transfer and storage in pulsed

reactors, by the need for extra structure to withstand early fatigue failure

in pulsed reactors, and by the needs for a nonlnductive current driver for

certain cycles.

The thermal fatigue aging of components such as the 11mlter or dlvertor

persuades us to derive minimum fusion burn periods, tf, needed to maximize

system lifetime. We view these values of tf as goals to be met by the various

burn cycles. As we show, these goals are strong functions of our assumptions:

the severity and frequency of disruptions, the net rate of sputtering erosion,

the materials selected for the substrate and plasma-side coating, and the

acceptable frequency for replacing failed components. In general, tf should

be sufficiently long that fatigue is less limiting than radiation damage in

determining component lifetime.

Consider first the limiter's leading edge, with a berylliun coating.

Severe disruptions (removing ~0.54 mm of beryllium) at a frequency of f - 10~3

(once per thousand burn cycles) force us to seek t^ ~ 1.8 x 103 - 2.7 x 103 a

in order to achieve lifetimes of one or two years (~4 MW-y/m2), the radiation

damage limit for a copper heat sink. Such a short replacement interval is

unattractive for a reactor, so substrates with superior radiation resistance

must be considered. Vanadium-base alloys (~24 MW-y/m2) promise longer

radiation life, 6 to 12 yr, but tf must be increased such that fatigue is not

life-limiting; we find tf • 1 x 10** s is needed for the case of severe

disruptions at f • 10~3.

In the other extreme when there is no disruption damage, but for which

net sputtering is very large, at 8_ • 1 cm/yr, we need tf • 9 x 103 s for a
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copper heat sink to survive; the superior fatigue resistance of vanadium per-

mits tf « 103 8. However, temperature limits to the beryllium clad will

limit 6Be such that in-reactor life w.ill be limited again to only one or two

years with such high sputtering erosion.

It seems likely that net sputtering losses as high rs { • 1 cm/yr will

not be tolerated, and also it seems likely that disruption damage will be bet-

ter coatrolled than cited in the examples above, For negligible sputtering

and aoderate disruption damage (140 um lost per 10 burn cycles) we need tf >

2.6 x 103 s with a beryl Hum/vanadium duplex, to achieve the full radiation

life potential of the leading edge.

Tungsten is an attractive coating for the leading edge, provided the

local plasma temperature is below the self-sputter ing threshold (T <J 50 eV).

Disruption damage to tungsten is so minimal that very thin coatings are prac-

tical [Sy <_ 1 mm), and fatigue life is consequently very long, requiring at

most tf ~ 102 s. For the worst case net sputtering, 5y • 1 cm/yr. a copper

heat sink would prematurely fail unless tf = 101* s, but the superior fatigue

properties of vanadium would permit tf as short as 102 s. Again, such severe

erosion may not be realistic since it would limit the leading edge life to £2

yr. Thus, for maximum credible disruptions and negligible net-sputtering (T <

50 eV) the tungsten-clad leading edge will survive for even very short tf

(IIP2 s).

The front face of the limiter may experience highei energy dumps than the

leading edge during major disruptions, and the tf goals are thus somewhat more

ambitious. In the worst case situation (690 \m of beryllium lost with f -

10~3) we require tf * 2.2 x 103 - 2.9 x JO3 s to achieve full life (1 or 2 yr)

with a copper heat sink or tf « 1.1 x 10*+ - 1.4 x 101* s to achieve full life

(6 to 12 yr) with the vanadium heat sink. In the more realistic case with

moderate disruptions (170 ua lost with f •» 10~3) and tolerable sputtering ero-

sion (Spg < 1 mm/yr) we need tf ^ 3.2 x 10
3 - 5.2 x 103s to achieve full life

potential of the beryllium/vanadium front face.

Sputtering is not a significant factor for the first wall survival; how-

ever, disruptions can be a major concern. If we consider bare PCA with severe

disruptions (410 urn lost with f * 10~3) and permit 5% radiation creep we

require tf - 1.5 x 10*
1 - 1.3 x 101* s to attain the 12 MW-yr/m2 life potential
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of the wall (3 to 6 yr). More sti Ingent creep criteria (e.g. IX) would in-

crease the tf requirement considerably. A vanadium structure for the first

wall is more attractive than PCA since it is expected to have roughly twice

the radiation damage life of PCA. For the vanadium structure that we studied

(thickness 6y ~ 1 cm) we found fatigue is not a consideration; instead, tem-

perature concerns limited 5y and determined lifetime against disruptions. For

the severe disruption scenario we require tf - 1.6 x 104 - 3.2 x 104 s to

achieve the full radiation life potential (replacement at 12-yr to 6-yr inter-

val). However, for moderate disruption damage (60 un lost with f » 10"3) and

allowing 5% radiation creep we need tf > 3.2 x 10
3 - 6.4 x 103 s to achieve

full life potential of a vanadium first wall. For even less severe disrup-

tions the fusion burn period ceases to be a factor in the first wall life.

Mechanical stress fatigue is an important consideration for the ohmic

heating coil (OHC) for reactors which require an external transformer. The

OHC we studied ha«- . :eel bands which resist the expulsive pressure of the 10-T

solenoidal field. lor cycle lifetimes exceeding N ~ 5 x 10*1 the thickness of

these bands must be increased such that stress levels are reduced appropri-

ately to guarantee survival for the requisite number of cycles. Besides an

increase in the OHC capital cost, the main adverse effect is a reduction in

the OHC flux (volt-seconds) from the increase in the winding thickness. For

N = 3 x 10s the total flux is 80% of that at N =* 3 x 104. In order to achieve

the longest discharge period, t-j, we would need a maximum N g 5 x 10^ cycles,

which would require OHC replacement every 10 yr provided we obtain tT •» 5 x

103 s. Replacement cost for each new OHC is estimated to be more than $70 M.

Capital cost is expected to play a large role for those systems which are

required to survive the full 40-yr life of the reactor. Consider as an exam-

ple the equilibrium field coil (EFC) system. This system is estimated to cost

over $80 M, so it would be undesirable to replace these magnets. In fact, we

found that the hybrid and CW burn cycles are unlikely lo cause fatigue failure

of the SFC whereaa OH operation will require roughly a $15 M cost increment to

guarantee survival of the EFC. This result stems from the small number of

cycles (~200) for CW operation over 40 yr and from the relatively small verti-

cal field swing associated with the hybrid cycle.
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In the case of the toroidal field coil (TFC) system, not only is the

replacement cost prohibitively expensive, but the replacement procedure would

practically require disassembly of the whole tokamak, reducing reactor availa-

bility to near zero. Remote inspection and maintenance (reinforcement of

weakened structure) may be very difficult, so prudence dictates the use of

very conservative fracture mechanics methods to estimate TFC lifetime. Again

we conclude that mechanical fatigue is a serious problem unless t̂  £ 2 x 104

s. Considering all TFC costs, superconductor, stabilizer, steel banding,

helium vessel, vacuum tank, and shear panels, we estimate TFC cost very

roughly as: $200 M - CW (tf > 10
s a); $230 M-hybrid ftf - 5 x 1C)3 S ] ; $300

M-OH (tf >•• J x 103 s); and $400 M-IT (tf » 300 a). These cost differences

mainly arise from the increased steel structure required to withstand mechani-

cal fatigue.

For pulsed burn cycles the cost of energy transfer and storage is very

large. For short dwell periods between fusion burns the poloidal coils must

be charged and discharged quickly, requiring very high power electrical sup-

plies. The need to transfer tens of gigajoules of magnetic energy in tens of

seconds implies the use of power supplies rated on the order of ~1000 MVA;

typical capital costs for motor-generator-flywheel and silicon controlled rec-

tifier supplies can exceed $100 M. These costs can be reduced by prolonging

the dwell period. However, for long dwells we foresee a need to store thermal

energy during the burn, in order to maintain steady steam turbine conditions

when fusion ceases. Thermal storage costs (~$1 x 10~3/J for high pressure

water and ~$5 x 10~VJ for liquid sodium) increase with dwell period and

exceed $100 M for dwells approaching 60 s. There is thus an optimum dwell

period (~50 s) which minimizes the capital costs of the energy storage and

transfer systems. We find a large variation in costs for the energy sys-

tems. The IT cycle costs ~$200 M for tf « 300 s and ~$400 M for tf ~ 1.5 x

103 8, assuming water cooling and thermal storage. The OH cycle costs ~$425 M

for water storage and ~$315 M for sodium, while the hybrid cycle requires

~$325 M for water and ~$250 for sodium storage. In all cases pulsed burn

cycles have very expensive energy storage and transfer systems Cj$200 M) com-

pared to a CW cycle, which requires only ~$10 M for such equipment.

Arrayed against these large capital costs for pulsed cycles is the capi-

tal cost of a noninductive current driver for the CW burn cycle. A $200 M
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savings for a CW burn cycle could easily be offset if a special 100-MW rf cur-

rent drive system were needed to achieve CW operation. Based on crude projec-

tions for the cost of rf power we need noninductlve current drive efficiencies

of Y £ 0-1 A/W for CW operation or y ^ 0«01 A/W for the hybrid cycle in a

reactor-size and -^density plasma in order to be competitive with the conven-

tional OH burn cycle. We expect y > 0»01 A/W is credible based on present-day

experiments (e.g., in ALCATOR-C).

Finally, we can point to several fruitful areas for further research.

Obviously, improved current drive efficiency (by a factor of ten) would be

very desirable. In this regard, alternative drivers, such as the compres-

sional Alfve*n wave, need to be considered as well as the lower hybrid wave.

The pulsed operating modes can become more attractive if ways can be found to

reduce the frequency or damage from major disruptions. Likewise, we expect

that cycles with external transformers become more appealing if plasma

resistivity could be reduced below the Spitzer value, thereby prolonging the

burn period, t^. Sputtering is viewed as a major problem; control of the

plasma edge temperature would be useful in prolonging component life.

Technological innovation may likewise have large payoffs. For example, if the

cost of rf equipment could be reduced by a large factor (to less than $1/W)

then the goals for current drive efficiency, y, could be reduced

appropriately. The cost of the TFC structure may be reduced by selecting

cryogenic lntercoll supports; the problem of eddy current heating and reduced

access to the machine requires further study. Last of all, we mention that

our thermal energy storage systems for pulsed burn cycles are designed to

store the whole energy deficit of the dwell period and are required to deliver

the power deficit with a fast time response. We need to study whether

constant power to the turbine is a firm requirement; steam cycles with

tolerance to small power variations could significantly reduce the costs of

pulsed tokamak reactors.
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Appendix A
••i

v
MATERIALS PROPERTIES

This appendix details some of the physical and thermal properties used in

this lifetime study. Many data are preliminary, especially considering the

general lack of experiments with fusion neutron radiation.

The PCA steel referred to in this report is modeled by Type 316 stainless

steel (20% cold worked). The vanadium alloy cited is actually vanadium base

with 15% chromium and 5% titanium additions. Pure copper has relatively poor

mechanical properties which can be improved by alloying; the data here repre-

sent typical properties of alloys such as AMAX-MZC (<1% chromium, zirconium,

and magnesium) and copper-beryllium Alloy 25 (2% beryllium).

References for Appendix A

1. "U.S. FED/INTOR Activity: Critical Issues," USA FED-INTOR/82-1, Vol. i
(1982); see Chap. 7.

2. R. F. MATTAS, "Fusion Component Lifetime Analysis," ANL/FPP/TM-160,
Argonne National Laboratory (1982).

3. "Structural Materials for Superconducting Magnets (Preliminary Draft),"
AISI 316 Stainless Steely, Handbook prepared by National Bureau of
Standards (1982)^
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TABLE A-l

Cladding and First Wall/Limiter Structure

>

Thermal

Thermal
(10~6

Elastic

Specific

Poisson

Density

Property

conductance, W/m-K

expansion coefficient
/K)

modulus, GPa

: heat, J/kg-K

s ratio

g/cm3

Electrical resistivity, yB-cm

Melting point, °C

Temperature limit, °C

S m t, MP*

Nuclear
MW/m2

i

heating @ Wn = 1.0
W/cm3

Beryllium

125
96

15.
18.

200
150

2250
2920

15

700

(300°
(600°

9 (500°
4 (1000°

(500°
(600°

(50°
(1000°

0.07

1.8

(400°C)

1283

C)
C)

C)
C)

C)

c)
O
C)

(swelling)

7.8

Tungsten

145
122

4
4

398
379

138
146

600

(227°
(727°

3 (227°
6 (727°

(227°
(727°

(227°
(727°

0.29

19.3

3410

C)
C)

O
C)

C)
C)

C)
C)

(swelling)

23

20
22

16
17

208
182

503
557

97

500

215

PCA

.8 (427°

.0 (500°

.1 (27°

.7 (427°

(27°
(427°

(27°
(427°

0.28

7.9

(400°

1430

(thermal
creep)

(500°C)

10.8

O
O

O
C)

C)
O

C)
O

O

V-15Cr-5Tl

28.1
29.4

10.4
10.6

118
116

558
580

57

600

200

(500°
(600°

(500c

(600°

(500°
(600C

(500c

(6001

0.36

6.1

(500"

1888

C)
C)

C)
C)

C)

•c)
•c)

'C)

•c)

(thermal
creep)

(600°

7.4

C)

Copper

130
144

17.0
17.8

116
111

423
425

4

250

(200°
(300°

(200e

(300°

(200<
(300'

(200c

(300

0.3

8.2

(600'

865

C)
O

O
C)

'C)
(C)

'C)
'C)

(swelling
ductility)

-

14.7

See Ref. 1.



TABLE A-2

Breeder Materials

Thermal

Specific

Density,

Property

conductance, W/m-K

heat, J/kg-K

g/cm3

Electrical resistivity, jifl-cm

3.4

2763

1.71

Li2O

(600°

(85%

C)

TD)

Lithium

48

4200 (400°C)

0.495

35 (500°C)

TABLE A-3

Magnet Structure: Stainless Steel

Property

Young's modules, GPa

Shear modulus, GPA

Poisson's ratio

Electrical resistivity, u£l-cm

sm> M P a

Fracture toughness, MPa/m

Type 316
(Annealed)

206
194

80
74

0.

56

407
153

270

(4 K)
(273 K)

(4 K)
(273 K)

29

(4 K)

(4 K)
(300 K)

(4 K)

Type 316 LN
(Annealed)

215
185

83
72

0.

56

500
217

220
290

(4 K)
(273 K)

(4 K)
(273 K)

29

(4 K)

(4 K)
(300 K)

(4 K)
(300 K)
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Appendix B

TEWERATORE RESPONSES FOR WELL TIMES OF 0, 30, AMD 200 s

The computations for cyclic operation of the reactor assumes dwell times

of 0, 30, 90, and 200 s. The data provided in Chap. IV utilizes temperature

response for 90-s dwell time, since dwell times only of the order of 100 s

appear practical based on the startup power and thermal storage requirements.

For the sake ot completeness, analyses were extended to cover dwell times of

0, 30, and 200 s. The transient temperature response of all of the cases for

the previously mentioned three regions are shown in Figs. B-l through B-36.

Thermal storage requirements for a few selected cases will be determined dur-

ing the next phase of this study.

B-l



w

325

322.5

320

o

oc
ZD
f—1

CE

cc
LJ
Q_

LJ
E-<

317.5

315

312.5

f

1

617

LJ

QC

LJ

LJ

-590

310

307.5

305

70C0 7200 7400 7600 7800 8000 8200

TIME,S

Fig. B-l . Coolant temperature response:
0-s dwell/Region 1.

380

370

360

O 350

LJ
or
f—en
en
LJ

o_
2;
LJ

340

330

320

310

300

-680

LJ

az
a:

-630 § ;
LJ

-580

7000 7200 7400 7600 7800 8000 8200

TIME,S

Fig. B-2. Cladding temperature response:
0-s dwell/Region 1.



to

420

410

400

O 390

LJ

en
cc
LJ

E-i

380

370

360

350

340

-750

LJ
CH
—)
f—i

cc
en.
LJ

LJ

Z}
f-i

-700
LJ

-650

7000 7200 7400 7600 7800 8000 8200

TIME,S

Fig. B-3. Breeder minimum temperature response:
0-s dwell/Region 1.

900

880

860-

O 840

820

800

780

760

740

c
LJ

LJ

/

/

/

-1650

-1580

LJ
(XL

-1510

LJ

LJ

-1140

-1370

7000 7200 7400 7600 7800 8000 820D

TIMERS

Fig. B-4. Breeder maximum temperature response:
0-s dwell/Region 1.



320

315

310

O 305

LJ

en

LJ
Q_

E—•

300-

295

290

285

280

-580 -,
LJ
cn

en
LJ

2=
LJ

-540

7200 7400 7600 7800 8000 8200 840C

TIME (SECONDS)

Fig. B-5. Coolant temperature response:
30-s dwell/Region 1.

360-

350

340

O 330

LJ
0£-
ZD
t—
az
cn
LJ

320

310

300

290

280
7200 7400 7600 7800 8000

TIME (SECONDS)

640

•590

LJ

az
en
LJ
D_
21
LJ

-540

8200 8400

Fig. B-6. Cladding temperature response:
30-s dwell/Region 1.



I

440

420

400

O 380

360

LJ
Cd
ZD
f—
en
ce
LJ
Q.
2= 340
LJ

320

300

280

1

/

I'

820

750

LJ

-680
en
Q;
LJ
o_
SI
LJ

-610

-540

7200 7400 7600 7800 8000 8200 8400

TIME (SECONDS!

Fig. B-7. Breeder minimum temperature response:
30-s dwell/Region 1.

805-

730 -

=3 ^«n-

1
P

E
R

R
T

D
 

C

LJ

4*7fl -

280-

/

(

-i560

-1390

-1220

LJ
Cd

-1050

LJ
Q_

LJ
-880

-710

7200 740U 7600 7800 8000 8200 8400

TIME (SECONDS)

Fig. B-8. Breeder maximum temperature response:
30-s dwell/Region 1.



320

315

310

O 30S

en
UJ
Q_

UJ
E

300

295

29D

285

281

1-540

i — i i

7200 7400 7600 7800 8000 8200 8400

TIME (SECONDS)

Fig. B-9. Coolant temperature response:
200-s dwell/Region 1.

350

340

580 -
UJ
<X
ZD
t-
CE

enUJ
Q_
21
UJ
t -

UJ

ZD

az
Cd
UJ
Q_
2Z
UJ

320

310

300

29G

280

h64C

h590

UJ

or
E-H

a:
UJ
Q_

UJ

h540

7200 7400 7600 7800 8000 8200 8400

TIME (SECONDS)

Fig. B-10. Cladding temperature response:
200-s dwell/Region I.



ts

440

120

400

O 380

-820

LJ
CC
ZD
t->
CE
cm
LJ
Q_
LJ

360

340

320

300

280
-540

7200 7400 7600 7800 8000 8200 8400

TIME (SECONDS)

Fig. B - 1 1 . Breeder minimum temperature response:
200-s dwell/Region 1.

ce
ZD
E-i

en
cm
LJ
Q_
LJ

880

805

730

655

580

505

430

355

280

... -.

1

\\
1

-1560

-1390

• 1220

LJ

-1050

LJ

LJ
-880

-710

-540
7200 7400 7600 7800 8000 8200 8400

TIME (SECONDS)

Fig. B-12. Breeder maximum temperature response:
200-s dwell/Region 1.



oo

330

327.5

325

o 322.5

LJ

CC

f-«

a:
LJ
Q

f - l

320

317.5

315

312.5

310

, - - —

626

LJ

or

LJ

600

7000 7200 740u 7600 7800 8000 8200

TIME,S

380

370

360

O 350

CC

CC

LJ
CL_

LJ

340

330

320

310

300

680

630

LJ
cn

i—

cc
LJ

a.
LJ

-580

7000 7200 7400 7600 7800 8000 8200

Fig. B-13 Coolant temperature response:
0-8 dwell/Region 2.

Fig. B-14. Cladding temperature response:
0-s dwell/Region 2.



O

1

L J
CC
ID
f—
CC
Cd
LJ
Q_
51
L J
f—•

AAf\ _

4-7n _

490 -

410 -

Ann -

•tqn _

'ton _

370-

V.
h800

cc

h750

h700

7000 7200 /400 7600 7800 8000 8200

TIME,S

Fig. B-15. Breeder minimum temperature response:
0-s dwell/Region 2.

880

870

860

CJ 850

LJ
CC
ID
E—
cn
cc
Q_

LJ

84:

830

820

810

800

1580

LJ

LJ

1-1530 £
LJ

7000 7200 7400 7600 7800 8000 8200

TIME,S

Fig. B-16. Breeder maximum temperature response:
0-s dwell/Region 2.



325

322.5

320

w1
I-1

o

o

LJ
ceID(—,
cn
ccLJ
Q-

z:LJ
f-.

317.5

315

312.5

310

307.5

305 +

617

en
cc
LJ
Q_

LJ

h590

7000 7200 7400 7600 7800 8000 8200

TIME,S

fig. B-17. Coolant temperature response:
30-s dwell/Region 2.

880

870

860

O 850

LJ
Cd
ID

az
cc
LJ

840

830

82C

810

800

i-1580

1530

LJ

CL.
CH
LJ
Q_

LJ

1480

7000 7400 7800 8200 8600 9000 S400

TIME,S

Fig. B-18. Cladding temperature response:
30-s dwell/Region 2.



450

440

430

O 420

LJ
OH

az
LJ
Q_
21
LJ
E—i

410

400

390

380

370

F-800

L_

LJ
CC
ZD
£ _ ,

(2LJ
Q_

750 5

LJ
Cd

i—•

az
m
LJ
G_
s:
r, 1

H700

7000 7200 7400 7600 7800 8000 3200

TIMERS

Fig. B-19. Breeder minimum temperature response:
30-s dwell/Region 2.

860

840

820

o 800

790

760

740

720

700

1580

1-1510

LJ

-1440
az
ai
LJ
Q_

LJ

-1370

-1300

7000 7300 7600 7900 82C0 8500 8800

TIMERS

Fig. B-20. Breeder maximum temperature response:
30-s dwell/Region 2.



325

320

O 310

1
1—1
M

LJ
Cd
ZD
f-<
CE
CH
LJ
Q_
2Z
LJ
E—

305

300

-590
LJ
cr
ZD
E—i

m
ccLJ
Q_
5Z
LJ
E-i

LJ
cn
ZD
f—1

en
ocLJ
0_
sz

285
700U 7600 8200 8800 9400 10000 10600

TIMERS

Fig. B-21. Coolant temperature response:
200-s dwell/Region 2.

370

360

350

O 340

330

320

310

300

LJ

290 - -

- -660

ZD
fr-i

-610
UJ

-560

7000 7600 8200 8800 9400 10000 10600

TIME,S

Fig. B-22. Cladding temperature response:
200-s dwell/Region 2.



w

u>

420

405

390

O 375

LJ

LJ
Q_
21
LJ

360

345

330

315

300

h-700

760

LJ
OL
ZD
t 4

CC

LJ
Q_

sr

LJ
Q ;

ID
f—iGZ
oc
LJ
Q_

LJ

h640

f-580

7000 7500 8200 8800 9400 10000 10600

TIME,S

Fig. B-23. Breeder minimum temperature response:
200-s dwell/Region 2.

880

820

760

o 700

640

580

52C

460

400

hi 600

hl460

hl320

1180

K1040

LJ
Ql

i->
az
or
LJ

o_
UJ

h900

h760

7000 7600 8200 8800 9400 10000 10600

TIME,S

Fig. B-24. Breeder maximum temperature response:
200-s dwell/Region 2.



w
I

323

322

321 -f

O 320

UJ

az
cc
UJ
Q_
UJ
E-i

319

318

317

316

315

613.4

600

7000 7400 7800 8200 8600 9000 9400

TIME,S

Fie. B-25. Coolant temperature response:
0-s dwell/Region 3.

CD

U-T
DC

—>
f—
az
cc

Q_

UJ
f—t

365-

360-

355-

350-

345-

340-

335-

330-

670 ^
UJ
or

en
ai
UJ
Q_
5Z
UJ

-630

7000 7400 7800 8200 8600 9000 9400

TIME,S
Fig. B-26. Cladding temperature response:

0-s dwell/Region 3.



450

440

430

O 420

UJ
Qd

j=! 410
CE

a:
UJ
Q_
2= 400
UJ

390

380

370

-800

UJ

en
E-<

az
Cd
UJ

o_
-750 S

-700

7000 7400 7800 8200 8600 9000 9400

TIME,S

Fig. B-27. Breeder minimum temperature response:
0-s dwell/Region 3.

380

370

36C

O 350

UJ
Cd

a:
a:
UJ

a.
UJ

340

330

320

310

300

-680

UJ
C

-630

m
a:
UJ
CL
2Z
UJ

-580

7000 7200 7400 7600 7800 8000 8200

TIME,S

Fig. B-28. Breeder maximum temperature response:
0-s dwell/Region 3.



w

323

322

321

O 320

Csl

319

az

a_
H 318
LiJ

317

316

315

613.4

600

7000 7400 7800 8200 8600 9000 9400

TII1E,S

Fig. B-29. Coolant temperature response:
30-s dwell/Region 3.

370

365

360

O 355

f-I

350

345

340

335

330

-670
UJ

UJ

-630

7000 7400 7800 8200 8600 9000 9400

TIME,S

Fig. B-30. Cladding temperature response:
30-s dwell/Region 3.



to
I

QJ

a:
(-<

8
Q_

QJ
E—

860-

850-

840-

830-

oon _

ptn _

800-

1

-1580

L_

-1530
LJ

-1480

7000 7400 7800 8200 8600 9000 9400

TIME,S

Fig. B-31. Breeder minimum temperature response?
30-s dwell/Region 3.

450-1-

440

410

O 420

CaJ

en

LJ

410

400

390

380

370

800

UJ

a:

Q_

-750

-700

7000 7400 7800 8200 8600 9000 9400

TIME,S

Fig. B-32. Breeder maximum temperature responee:
30-s dwell/Region 3.



380

370

360

O 350

w
I-1

00

LJ
QC

t -

<n
cc
LJ
Q_
JZ
LJ
t—

340

330

320

3)0

300

— 1 _̂— ' ——

-680

-630

LJ

ca
ZZ)h-l

ce
LJ
Q_

2.

LJ

O

LJ

—^
>

i—•

cnCd
LJ
Q_

LJ

-580

7C0Q 7600 8200 8800 9400 10000 10600

TIME,S

Fig. B-33. Coolant temperature response:
200-s dwell/Region 3.

305

609.8

590

7000 7600 8200 8800 9400 10000 10600

TIHE,S

Fig. B-34. Cladding temperature response:
200-s dwell/Region 3.



to
•

420

410

400

O 390

LJ
OH

0 1
CH
LJ
Q_
51
LJ

380

370

360

350

340

\

_- -—— -750

LJ

or
ZD
E—i

cn
LJ
Q_

700
 E

-650

7000 7600 8200 8800 9400 10000 10600

TIME,S

Fig. B-35. Breeder minimum temperature response:
200-s dwell/Region 3.

870

855

840

O 825

LJ
CC
ID
f—
az
a:
LJ

a.
LJ

810

795

780

765

750-

1570

" 1 5 1 0LJ

az
LJ

-1450

LJ

1390

7000 7600 8200 8800 9400 10000 10600

TIMERS

Fig. B-36. Breeder maximum temperature response:
200-s dwell/Region 3.



Distribution for ANL/FPP/TM-178

Internal:

C. Baker C. Johnson D. Smith
M. Billone J. Jung H. Stevens
C. Boley S. Kim D-K. Sze
J. Brooks L. LeSage L. Turner
Y. Cha R. Leonard S-T. Yang
R. Clemmer B. Loomis ANL Patent Dept.
D. Ehst (10) S. Majumdar FP Program (10)
K. Evans R. Mattas ANL Contract File
P. Finn B. Misra ANL Libraries (2)
Y. Gobar R. Nygren TIS Files (6)
D. Gi 'en B. Picologou
A. Hassanein J, Roberts

External:

DOE-TIC, for distribution per UC-20,20a,20b,20c,20d (237)
Manager, Chicago Operations Office, DOE
Special Committee for the Fusion Program:

S. Baron, Burns & Roe, Inc.,; Oradell, NJ
H. K. Forsen, Bechtel Group Inc., San Francisco, CA
J. Maniscalco, TRW, Inc., Redondo Beach, CA
G. H. Mlley, University of Illinois, Urbana
P. J. Reardon, Brookhaven National Laboratory
P. H. Rutherford, Princeton Plasma Physics Laboratory
D. Steiner, Rensselaer Polytechnic Institute
K. R. Symon, University of Wisconsin-Madison
K. Thomassen, Lawrence Livermore National Laboratory

R. Aamodt, Science Applications, Inc.
M. Abdou, University of California-Los Angeles
R. Alsmiller, Oak Ridge National Laboratory
D. Anthony, General Electric Company
R. Balzheizer, Electric Power Research Institute
S. Bernabei, Princeton Plasma Physics Laboratory
A. Bers, Massachusetts Institute of Technology
W. Bjorndahl, TRW, Redondo Beach, CA
S. Bogart, Science Applications, Inc.
P. Bonoli, Massachusetts Institute of Technology
S. Buchsbaum, Bell Telephone Laboratories, Inc.
S. Burnett, GA Technologies
E. Canobbio, Max-Planck Institute ftir Plasmaphysik, West Germany
G. Casini, Joint Research Centre, Ispra Establishment, Italy
R. Challender, UKAEA, Risley, England
C-H. Chen, Institute of Plasma Physics, People's Republic of China
R. Cherdak, Burns & Roe
D. Cohn, Massachusetts Institute of Technology
P. Colestock, Princeton Plasma Physics Laboratory
R. Conn, University of California-Los Angeles
B. Coppi, Massachusetts Institute of Technology



J. Davis, McDonnell Douglas Astronautics Company
S. Dean, Fusion Power Associates, Gaithersburg, MD
J. DeVan, Oak Ridge National Laboratory
D. Dobrott, Science Applications, Inc., La Jolla, CA
N. Fisch, Princeton Plasma Physics Laboratory
K. Gentle, University of Texas-Austin
J. Gordon, TRW, Inc.
S. Gralnick, Grumman Aerospace Corporation
D. Graumann, GA Technologies
E. Greenspan, NRCN, Israel
R. Gross, Columbia University
R. Hagenson, Los Alamos National Laboratory
R. Hancox, Culharo Laboratory, UKAEA, England
R. Harvey, GA Technologies
T. Hiraeoka, Japan Atomic Energy Research Institute, Japan
A. Husseiny, Iowa State University
W. Hooke, Princeton Plasma Physics Laboratory
J. Hosea, Princeton Plasma Physics Laboratory
D. Hwang, Princeton Plasma Physics Laboratory
R. Johnson, General Dynamics - Convalr
T. Kammash, University of Michigan
C. Karney Princeton Plasma Physics Laboratory
R. Klima, Czechoslovak Academy of Sciences, Czechoslovakia
I. Knoblock, Max Planck Institute fur Plasmaphysik, West Germany
H. Kouts, Brookhaven National Laboratory
R. Krakowski, Los Alamos National Laboratory
R. Langley, Sandia Laboratories
D. Leger, CEA-Saclay, Service DCAEA/SECF., France
R. Lengye, Max Plack Institute filr Plasmaphysik, West Germany
S. Malang, University of Wisconsin-Madison
T. K. Mau, Univeslty of California-Los Angeles
I. Maya, GA Technologies
D. Metzler, FEDC, Oak Ridge National Laboratory
R. Micich, Grumman Aerospace Corporation
D. Mikkelsen, Princeton Plasma Physics Laboratory
R. Mills, Princeton University
R. Moir, Lawrence Llvermore National laboratory
G. Morgan, McDonnell Douglas Astronautics Company
G. Moses, University of Wisconsin-Madison
R. Motley, Princeton Plasma Physics Laboratory
T. Nakakita, Toshiba Corporation, Japan
H. Nakashina, Kyushu University, Fukuoka, Japan
Y-K. Peng, FEDC, Oak Ridge National Laboratory
F. Perkins, Princeton Plasma Physics Laboratory
M. Porkolab, Massachusetts Institute of Technology
R. Post, Lawrence Llvermore National Laboratory
J. Rawls, GA Technologies Inc.
D. Ross, University of Texas-Austin
R. Santoro, Oak Ridge National Laboratory
M. Sawan, University of Wisconsin
J. Schmidt, Princeton Plasma Physics Laboratory
P. Schmitter, Max Planck Institute fur Plasmaphysik, West Germany
J. Schultz, Massachusetts Institute of Technology
K. Schults, GA Technologies



R. Scale, University of Arizona
J. Shannon, FEDC, Oak Ridge National Laboratory
G. Shatalov, I. V. Kurchatov Institute of Atomic Energy, Moscow
J. Sheffield, Oak Ridge National Laboratory
C. Singer, Massachusetts Institute of Technology
W. M. Stacay, Jr., Georgia Institute of Technology
D. Start, Culham Laboratory, UKEA, Abingdon, England
M. Stauber, Grumman Aerospace Corporation
J. E. Stevens, Princeton Plasma Physics Laboratory
W. ftodiek, Princeton Plasma Physics Laboratory
R. Werner, Lawrence Uvermore National Laboratory
L. Wittenberg, Monsanto Research Corporation
C. Wong, GA Technologies Inc.
G. Woodruff, University of Washington
D. Young, Jr., University of Texas-Austin
M. Youssef, University of California-Los Angeles
Library, Centre de Etudes Nucleaires de Fontenay, France
Library, Centre de Etudes Nucleaires de Grenoble, France
Library, Centre de Etudes Nucleaires de Saclay, France
Library, Centre de Recherches en Physique des Plasma, Lausanne, Switzerland
Library, FOM-Institute voor Plasma-Fysika, Jutphass, Netherlands
Library, Comitato Nazionale per l'Energia Nucleare, Rome, Italy
Library, Joint Research Centre, Ispra, Italy
Library, Japan Atomic Energy Research Institute, Ibaraki, Japan
Library, Max Planck Institute ftir Plasmaphytsik, Garching, Germany
Library, Culham Laboratory, UKAEA, Abingdon, England
Library, Laboratorio Gas Ionizati, Frascatti, Italy


